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The structural design of offshore wind turbines must account for numerous design load cases to capture various
scenarios, including power production, parked conditions, and emergency or fault conditions under different
environmental conditions. Given the stochastic nature of these external actions, deterministic analyses using
characteristic values and safety factors, or Monte Carlo Simulations, are necessary. This process involves a large
number of simulations, ranging from ten to a hundred thousand, to achieve a reliable and optimal structural
design.

To reduce computational complexity, practitioners can employ low-fidelity models where the soil-foundation
system is either neglected or simplified using linear elastic models. However, medium to large cyclic soil-pile
lateral displacements can induce soil hysteretic behaviour, potentially mitigating structural and foundation
vibrations.

A practical solution at the preliminary design stage entails using stiffness-proportional viscous damping to
capture the damping generated by the soil-pile hysteresis. This paper investigates the efficacy of this simplified
approach for the IEA 15 MW reference wind turbine on a large-diameter monopile foundation subjected to
several operational and extreme wind speeds. The soil-pile interaction system is modelled through lateral and
rotational springs in which a constant stiffness-proportional damping model is applied.

The results indicate that the foundation damping generated by the nonlinear soil-pile interaction is significant
and cannot be neglected. When fast analyses are required, the stiffness-proportional viscous damping model can
be reasonably used to approximate the structural response of the wind turbine. This approach enhanced the
accuracy of the computed responses, including the maximum bending moment at the mudline for ultimate limit
design and damage equivalent loads for fatigue analysis, in comparison to methods that disregard foundation
damping.

1. Introduction

Design standards such as IEC 61400 [1], p. 61] and ISO 19902 [2], p.
1 define requirements to ensure the structural integrity of wind turbines
by considering a minimum number of design situations covering the
most significant conditions that the wind turbine may experience during
its planned lifetime. The design load cases (DLCs) are determined from
design situations characterised by different sets of environmental con-
ditions such as operating, extreme and abnormal conditions, according
to the limit states (e.g., ultimate, serviceability, fatigue or accidental
states) considered for the analysis.
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Owing to the complex coupled dynamic interaction between the
structural components of the wind turbines and the aerodynamical,
hydrodynamical and actuation loads, more than 10,000 simulations are
normally required in the analysis of different DLCs [3]. Although not
every design load case is a governing factor for the design [4], keeping
computational effort and time manageable for the conventional practice
is paramount [5]. Low to high-fidelity models are used sequentially
during the design process as more configuration and sizing choices are
finalized. Low-fidelity modelling is applied to screen the optimal con-
figurations at the conceptual stage, whilst high-fidelity modelling is
required to finalise the design choice for selected load cases.
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Low-fidelity models such as the ones conventionally used in the past
for design [6], or when an optimisation analysis is performed [7], usu-
ally did not account for soil structure interaction (SSI), so to strongly
reduce the computational complexity. Nevertheless, capturing the SSI
effects is an essential modelling task to ensure the reliable design of wind
turbines; several studies (e.g., Refs. [8-10]) have shown the funda-
mental role of SSI, particularly in structures founded on monopiles, the
most common type of offshore wind support structure in use, which are
strongly sensitive to the soil-pile flexibility (e.g., Refs. [8-13]).

Therefore, different modelling approaches or reduction strategies
were attempted to integrate the coupling effects between the wind field,
wind turbine, foundation and subsoil, to solve the entire system of
equations in the time domain. Damgaard et al. [5] used a coupled
lumped parameter model, including frequency-independent spring and
damping constants as well as point masses to capture the dynamic
response of the soil-pile system; this simplified the computational
complexity by condensing the entire pile-soil system ith few degrees of
freedom as well as by using a linear viscoelastic soil model. Simplified
approaches have also been developed by Jung et al. [14], who imple-
mented a simplified coupled spring approach to investigate the dynamic
response of the NREL 5 MW reference wind turbine [15] demonstrating
that the impact of the SSI on the natural frequencies and the base mo-
ments could adversely affect its performance. Similarly, Damgaard et al.
[16] and Lgken and Kaynia [17] showed that the foundation flexibility
could negatively impact the structural dynamic response as well as the
fatigue life of the NREL 5 MW Reference wind turbine. The linear nature
of the LPMs does not capture the actual behaviour of the soil-pile
interaction; Simpson et al. [18] proposed a reduced order model for
considering the nonlinear soil-pile interaction where the superstructure,
i.e., tower and rotor-nacelle assembly (RNA), is replaced by equivalent
forces and bending moments.

Alternatively, high-fidelity offshore foundation models have been
proposed in the last decades based on the p-y approach (e.g., Refs. [13,
19-25]) or full 3D finite element modelling (e.g., Refs. [13,26-29]).
However, because of the computational complexity of these 3D finite
element models, their use might not be viable at a preliminary design
stage or for optimisation problems, where multiple simulations are
performed.

Therefore, high-order models are used to calibrate simplified models
such as the 1D effective model analysed by Versteijlen et al. [30], by
using an effective small-strain stiffness. While this approach is effective
for small-strain soil response, larger pile displacements generate soil-pile
nonlinearities that result in a secant stiffness lower than the initial
stiffness, which lengthens the fundamental period of the structure and
increases the energy dissipation through the formation of hysteresis
loops. As noted by Malekjafarian et al. [31], the role of soil damping
strongly affects the overall wind turbine response.

A potential approach has been proposed by Versteijlen et al. [32], for
their effective 1D model through the use of stiffness proportional
damping characterized by a constant damping coefficient. This value
was identified from shaker excitation in situ, representing the behaviour
at small displacements. Similarly, Carswell et al. [33] captured the SSI
effects through a coupled spring model that incorporates a viscous
rotational dashpot to account for the hysteretic behaviour in a linearized
model. The damping coefficient was computed based on the hysteretic
energy loss at each cycle by adopting an iteration procedure between the
linear structural model of the NREL 5 MW reference turbine and the
nonlinear soil-pile model. The study showed the impact of the damping
on the maximum bending moment of the tower at the mudline and the
fatigue life of the structure.

Following this simplified approach, often used by practitioners, this
study aims to investigate the efficacy of using stiffness-proportional
viscous damping to approximately mimic the hysteretic damping ef-
fects of the soil-pile foundation system subjected to medium-large pile
displacements. The stiffness-proportional viscous damping is applied
uniformly to elastic soil-pile springs to capture the energy dissipated by
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the structure due to soil hysteresis. This investigation is based on time-
history simulations of the International Energy Agency (IEA) 15 MW
reference turbine [34] founded on a monopile. Compared to the linear
equivalent approach, typically adopted to linearise the nonlinear prob-
lem through an iterative procedure (e.g., Refs. [35,36]), this study
maintains constant soil elasticity to keep the computational complexity
of the model low, and hence practical for preliminary design and opti-
misation analyses. Therefore, in combination with stiffness-proportional
viscous dashpots for foundation damping, such simplified models enable
thousands of faster analyses, facilitating reliability-based design ap-
proaches (e.g., Refs. [37,38]), or the seismic analysis of wind turbines (e.
g., Ref. [39]).

2. HIGH- AND LOW-FIDELITY FINITE ELEMENT MODELS
2.1. METHODOLOGY

This study aims to evaluate the effectiveness of stiffness-proportional
viscous damping in linearized low-fidelity soil-structure interaction
models for approximating wind turbine responses. The accuracy of key
responses, such as bending moments at the mudline and damage
equivalent loads, is assessed by comparing results from these models to
those obtained from high-fidelity nonlinear models. As a case study, the
IEA 15 MW reference wind turbine [34] is considered. This reference
turbine represents the latest design of next-generation wind turbines
provided by the National Renewable Energy Laboratory (NREL) and the
Technical University of Denmark (DTU). Therefore, assessing
soil-foundation damping in relation to turbine dynamic performance is
paramount for reliable design. The wind turbine model is created in
Seismostruct [40], which incorporates structural flexibility, aero-
dynamic loads, and nonlinear SSI dynamics. Hydrodynamic loading is
excluded from this analysis to isolate and evaluate the specific effects of
wind loading on the foundation damping. Nonlinear simulations are
conducted using the model of Fig. 1a to generate baseline responses at a
few selected wind speeds. The nonlinear soil-pile responses are cali-
brated using a 3D high-fidelity model following a modified version of
the PISA approach [41]. Sensitivity or optimisation analyses are per-
formed to calibrate stiffness-proportional viscous damping coefficients,
which are then used to linearise the wind turbine model (Fig. 1b).

2.2. WIND TURBINE MODEL

The case study is based on the IEA 15 MW Offshore Reference Wind
Turbine designed by the National Renewable Energy Laboratory (NREL)
and the Technical University of Denmark (DTU), via the International
Energy Agency Wind Task 37 [34]. The reference wind turbine is a
3-bladed upwind variable speed Class1B direct-drive machine with 117
m long blades and 240 m rotor diameter. The hub is located at 150 m
above the mean sea level. The tower height is about 130 m with a base
diameter of 10 m and a 6.5 m diameter at the top. The length of the
monopile is 75 m with a constant outer diameter of 10 m. The monopile
is embedded to a depth of L = 45 m in the sandy soil deposit. The
transition piece is 15 m high and rigidly connected to the tower and
monopile. Table 1 presents a summary of the main characteristics of the
15 MW reference wind turbine.

The two-dimensional model of the wind turbine in Fig. 1 is composed
of beam elements for the tower, transition piece and pile, as well as link
elements for modelling the soil-pile interaction. The rotor-nacelle as-
sembly (RNA) is accounted for through eccentric masses linked rigidly to
the tower. The influence of the induced rotational inertia of the RNA on
the structural response to the gravity and wind loads is not negligible
because of the geometric nonlinearities involved in the analysis.

An eigenvalue analysis was conducted to verify the computed first
natural frequency in fore-aft motion of 0.164 Hz for the compliant base
model against the value of 0.170 Hz from the designed reference model
[34]. A Rayleigh damping of 2 %, was assigned to the first and second
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Fig. 1. Schematic of the IEA 15 MW Wind Turbine investigated in this paper; where the soil-pile reaction is described through a) nonlinear Allotey and El Naggar
(2008) macro-element model, and b) linear model with stiffness proportional viscous damping.

Table 1

Main parameters of the IEA 15 MW Reference Wind Turbine.
Item Value
Rated power (MW) 15
Rotor diameter (m) 240
Hub height (m) 150
RNA mass (t) 1017
Blade mass (kg) 65250
Nacelle mass (kg) 646895

Tower mass (t) 860
Tower base and top diameter (m) 10, 6.5
Tower base and top thickness (mm) 41.058, 23.998

Transition piece height (m) 15
Monopile depth (m) 75
Monopile embedment depth (m) 45
Monopile diameter (m) 10

Monopile base and top thickness (mm) 55.341, 45.517

fore-aft modes of the tower, to account for structural damping.

2.2.1. Soil deposit

The soil deposit considered in this analysis, illustrated in Fig. 2a,
corresponds to the representative dense sand of the reference model
[34]. An average shear modulus, Gy, of 140 x 10 kPa, and Poisson’s

ratio, v; = 0.4, are provided to characterise the elastic spring model of
the IEA 15 MW Offshore Reference Wind Turbine [34]. It is worth
emphasizing that soil damping has not been considered in the reference
study, as can occur in the preliminary design of offshore wind turbines.
Thus, this study investigates the impact of neglecting the soil foundation
damping and proposes a simplified approach to improve the model’s
accuracy.

The soil deposit determined in this study is discretised in 1m — thick
layers characterised by a shear modulus, G, governed by the following
relation:

G, =G, (a’m / p,ef)o'6 )}

where o, is the mean effective stress and p,; is the atmospheric pres-
sure, as shown in Fig. 2b. The mean effective stress, o,,, is defined as

. o, (1+ 2K
g =211 2K0) @
3
with effective vertical stresses, a",, and earth pressure coefficient at rest,
Ko =1—sin(g¢},).
The constant-volume angle of friction, ¢, is fixed to 32° and the
dilation angle, y = 7.5°, is assigned. Geotechnical parameters are re-
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Fig. 2. Soil deposit: a) main parameters, and b) variation of the shear modulus with the depth.

ported in Table 2.

2.2.2. Aerodynamical actions

An uncoupled two-step procedure is used to consider the wind ac-
tion. The first step involves the computation of the aerodynamic forces
and moments by using the coupled nonlinear aero-hydro-servo-elastic
OpenFAST code [42]. In the second step, the forces and moments are
applied to the hub of the finite element model of Fig. 1. Following the
IEC 61400 standards, an extreme turbulent model (ETM) is applied to
simulate the full-field wind flow through the TurbSim code [43].

Several mean velocities at the hub height of 150m, ranging from 5
m/s to 50 m/s, are considered. In this investigation, two analyses, one
deterministic and one stochastic, are conducted by generating the
random time-history functions of the wind loading by the same seed and
ten different seeds, respectively. Simulations are run for 720 s, with the
first 120 s discarded to allow for the transient response, and the
remaining 10-min steady-state dynamic response used for analysis. An
example of a set of lateral fore-aft force, moment and vertical force
applied at the hub level is shown in Fig. 3.

2.3. NONLINEAR BASELINE SSI MODEL

The baseline wind turbine model used to verify the proposed three-
step procedure of Section 2.1 uses an extended version of the Allotey
and El Naggar [44] generalized model to capture the soil-large diameter
pile interaction through translational and rotational macro-elements.
These link elements, shown in Fig. 1a, are placed on both sides of the
pile to capture any eventual gapping and slack zone behaviour.

The calibration of the model parameters to define the backbone

Table 2

Main parameters of sandy soil deposit.
Parameter Value
Effective unit weight, 7 (kN/m>) 10
Poisson’s ratio, v 0.4
Effective internal friction angle, ¢, (°) 32
Dilation angle, y (°) 7.5
Friction coefficient at pile-soil interface, p 0.4
Earth pressure coefficient at rest, Ko 0.47

curve of each Allotey and El Naggar’s macro-element follows a revised
version of the PISA approach [41], which was proposed to improve the
design of offshore large-diameter piles as the monopile foundation of the
IEA 15 MW Wind Reference Turbine investigated in this study. The
proposed model incorporates the traditional lateral p-y curves, along
with the additional rotational resistance generated by the shear stresses
along the pile surface. Accordingly, the generalized model of Allotey and
El Naggar is also used to simulate the cyclic moment-rotation behaviour
through nonlinear rotational springs.

2.3.1. Allotey and El Naggar’s model for lateral force-displacement and
moment-rotation responses

The dynamic Beam on Nonlinear Winkler Foundation (BNWF) model
developed by Allotey and El Naggar [44] is compression-dominant and,
hence, requires two elements at each depth for the modelling of soil-pile
interaction to capture gaps and slack zone formation. The hysteretic
model is defined by rules to determine four types of soil-pile responses
illustrated in Fig. 4: i) the monotonic response at the first cycle
(continuous curve), ii) unloading (dashed curve), iii) the standard
reloading (dash-dotted curve), and iv) the direct reloading (dotted
curve). These four curves are governed by the model parameters re-
ported in Table 3, which are calibrated to capture several soil-type re-
sponses such as O- and S-shape responses (for dry and saturated soil,
respectively) and brittle behaviour (for stiff clays). The backbone curve
defines the monotonic response at the first cycle, and its parameters
(ko, Py, P, Py, a, /) are calibrated to best fit any numerical or analytical
soil-pile lateral force-displacement (P-Y), and in this study, for
moment-rotation (M-R) relationships as well. For the latter, the pa-
rameters are expressed as rotational stiffness and moment capacity
values. The general unloading curve occurs when the load is reversed
and follows the original backbone curves scaled by a factor a, obtained
by best-fitting numerical or experimental cyclic tests (a, =1 in this
study). The standard reload curve is used to simulate oval-shaped hys-
teresis and follows the original backbone curve, with degradation not
considered in this study. The direct reload curve is applied when
soil-pile gapping or soil-pile weathering (slack zone) occurs. The cyclic
curve parameters (p1,p2,ep1) are usually heuristically fixed according to
the soil type behaviour. For saturated sand, in which a S-shape hysteresis
loop is expected on the upper part of the pile because of the formation of
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Fig. 4. Schematic of the Allotey and El Naggar (2008)’s model for cy-
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Table 3
Parameters for fully defining the Allotey and El Naggar (2008a) model.

Backbone Curve Cyclic curve parameter

Initial stiffness (ko)
Yielding force (Py)

soil cave-in (p2)
DRC stiffness ratio (e, = kz/k )
1

Turning soil strength (P.)
Ultimate soil strength (P,)
Stiffness ratio of the 2nd branch (a)
Stiffness ratio of the 3rd branch ()

gap force (p1)

a slack zone, typical values are: p; =1 (no gap), 0 <p; <5 and 0 <
ep1 < 1, for the upper one-third part of the pileand p; = 5, ¢,; = 1, for
the lower part of the pile. The cyclic behaviour of this model intrinsically
generates a hysteretic, strain-dependent, damping without the need to
define further coefficients governing the energy dissipation. An
exhaustive description of the Allotey and El Naggar model can be found
in Refs. [44,45].

2.3.2. Numerical soil reaction curves

Following the PISA approach [41], the soil reaction curves are ob-
tained numerically from 3D finite element modelling and then, each
curve is normalised and parameterised to be dimensionless. In this
paper, the 3D symmetric finite element model (see Fig. 5) is built using
the software Abaqus [46]. A sandy soil deposit of 100 m is considered in
this study, in which the shear modulus increases with the depth as
depicted in Fig. 2b.

The constitutive behaviour of the soil is simulated employing the

100 m

Fig. 5. Numerical soil-pile finite element model used to compute the soil-pile
reaction forces and moments.

Mohr-Coulomb failure criterion, with the soil geotechnical properties
reported in Table 2. An 8-node linear reduced integration solid element
is used for constructing the finite element model of the soil, whilst 4-
node shell elements are used for the pile. The soil-pile interface is
modelled using surface-to-surface contact behaviour. The tangential
contact behaviour at the interface was modelled using the Coulomb
friction law with a friction coefficient, of p equal to 0.4. Symmetric
boundary conditions are used to reduce the number of degrees of
freedom of the system. Initially, a geostatic stress field to consider the
gravity effect is applied. The pile is then loaded by incrementally
increasing the horizontal displacement at the pile top in the X-direction
for a maximum displacement of 1.5 m.

Fig. 6a shows the profile of the maximum pile deformation, revealing
that the pile manifests a flexural behaviour, and cannot be considered
“short” or rigid. Fig. 6b presents the lateral soil-pile reaction obtained at
the maximum push-over load, depicted through a dashed red curve. It is
worth noting that the curves represent the responses used to calibrate
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the nonlinear spring model and hence, are obtained considering a dis-
cretisation of 1 m. The maximum value does not always indicate the soil
yielding as indicated by the numerical soil-pile lateral force-
displacement (P-Y) and moment-rotation (M-R) relationships in Fig. 7.
It is interesting to note that for the specific case, the ultimate capacity
computed through the API formulation for sand [47] at shallow depth
can accurately be used for estimating the lateral soil capacity, Better
prediction of the ultimate capacity can be obtained by using the wedge
method proposed by Sun et al., [28] where the effect of the pile diameter
is also accounted for through an analytical formulation.

2.3.3. Parametric backbone curves

The numerical soil reaction curves of Fig. 7 are used to calibrate the
Allotey and El Naggar’s macro-elements to provide a predictive capa-
bility at different loading conditions. The numerical curves are first
normalised and then fitted to the three-branch backbone curve defined
by the macro-element. In this section, two different approaches for
normalising the curves are examined: the maximum numerical value for
each curve is used as the normalising factor of the lateral and rotational
response, referred to as Method A; whereas Method B defines a quantity
proportional to the ultimate capacity, p,, as the normalising factor. The
latter can be obtained analytically through the API-recommended
practice [47] guidelines, as follows,

Du =Min(Pys, Pua) ® AZ 3

Q
~

lateral force [kN]

— P4 curves - above rotation point
= P-Y curves - below rotation point

T T T T T
0.00 0.05 0.10 015 020 0.25 0.30 0.35
lateral displacement [m]

DPus=(CieH+CyeD)eyeH (&)
Puu=(C3eD)eyeH 5)
where, pys and p,4, are the shallow and deep ultimate resistance
respectively, y is the effective soil unit weight, D is the pile diameter and

C1, Co, and Cj3 are coefficients as a function of the frictional angle ¢. The
coefficients Cy, Cp, and C3 are determined by the following equations:

Cy=tan(p) e |(tan p)” e tan (g) +Ky

. <(m:®+1> tan(z)} ©

G, = (tan g)* — [tan(fg + g)] ’ @

tan(p) e sin

Ca=(tan )" [(tan )" + Ku(tan ¢)]  [tan (-5 + 5] ®

in which g = £ + Z and Ky is the coefficient of lateral earth pressure.
Therefore, the normalising factor is:
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for the numerical lateral force — displacement curves, P(y).
For the moment-rotation curve, M(¢), the normalising factor is
defined as:

|

where af = 1.55is a constant obtained empirically to match the ultimate
moment capacity.

For both methods, the normalising factor for displacements and ro-
tations is set as:

max[M(¢)], Method A

aypy, Method B an

(1)

The normalised lateral and moment responses are depicted through
black-dashed curves in Fig. 8 for the upper 10m soil, where the capacity
is mobilised under a top pile displacement of 15 % of the pile diameter.

Parametric soil reaction curves, based on the Allotey and El Naggar
model parameters, are obtained from the normalised responses. The
values of the parameters of the backbone curve, Py, P. and P, listed in
Table 3, are obtained through a least-squares fit of the normalised
curves. For Method A, several parametric curves are obtained as a
function of the initial stiffness value, kg, which is computed for each
normalised curve, while block averaging is done for Method B. The
resulting parametric curves are shown in Fig. 8 as a solid red line. The
dimensional parametric curves, obtained by multiplying the non-
dimensional values for the normalising factors, are shown in Fig. 9.
The dimensional curves evidence an acceptable matching using both
methods; in this study, despite Method A being more accurate, Method
B, which is governed by analytical expressions, has been used to set up
the parameters of the model of the investigated wind turbine of Fig. 1a,
so to extrapolate the values for larger depths.
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2.4. LINEARIZED MODEL WITH STIFFNESS-PROPORTIONAL VISCOUS DAMPING

The baseline model adopted in the current study is a high-fidelity
soil-pile model that involves a dynamic BNWF model comprising
uncoupled lateral-rotational macro-elements as depicted in Fig. 1a. To
reduce the running time, a low-fidelity model is established by replacing
the nonlinear macro-elements with an uncoupled Kelvin-Voigt system
defined by linear lateral and rotational springs and dashpots, as illus-
trated in Fig. 1b. The stiffness values, k, and k;, are equal to the initial
stiffness values of the lateral and rotational springs of the nonlinear
macro-element, respectively. The lateral and rotational dashpots are
described via a linear viscous relation, in which the damping coefficient
is proportional to the stiffness values. The generated damping force, Fy,
and damping moment, My, from each spring-dashpot unit, are described
by the following relations:

{

in which vy and 6, are the translational and rotational velocities; /3 is the
stiffness proportional coefficient, also referred to in this paper as the
foundation damping coefficient.

The stiffness proportional coefficient, g, is uniquely determined for
all the lateral and rotational springs of the model. This represents an
oversimplification of the problem because springs at different depths are
subjected to different deformations and dissipate energy in different
quantities; therefore, differently from the equivalent linear formulation,
the damping forces and moments of Eq. (12) are governed by a constant
viscous coefficient, g, that has been tuned to match the dynamic char-
acteristics of the linear model with those of the nonlinear model.

The advantage of the proposed methods lies in having a unique co-
efficient to be determined and not requiring the condensation of the soil-
pile system in a lumped parameter model which is formally exact only

Fy= ﬁky oV

Md = ﬂkr Ld 0)( (12)
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when frequency-dependent impedances are used [48].

The calibration of the stiffness proportional coefficient, 3, can be
calibrated using either a fast sensitivity analysis or a more precise but
time-consuming optimisation procedure to match the wind turbine’s
performance. However, the computational efficiency of the linear model
is significantly higher than that of its nonlinear counterpart.

The coefficient, f, is calibrated for a suitable range of velocities to
approximate the performance of the wind turbine; in this investigation,
two metrics are used for the optimisation problem, the maximum
bending moment at the mudline and the damage equivalent load (DEL)
corresponding to the mudline bending moment, for fatigue analyses
[49]1.

The DEL is defined herein as follows:

L R
DEL=(—=S"s"]| , 13)
in which ST the equivalent fatigue load range taken as the bending
moment at the mudline at each equivalent cycle i = 1,...,N, N, is the
total number of equivalent cycles during the lifetime, here taken as 2 x
108, and m is the negative slope of the CSR — Ny curve of the material,
here taken equal to 4 [49]. In this study, the ratio between the DEL of the
nonlinear and linear models is considered, hence, the lifetime cycle
parameter, N,, does not affect the results.

3. WIND TURBINE RESPONSES USING THE STIFFNESS-PROPORTIONAL VISCOUS
DAMPING

3.1. BASELINE RESPONSE

The response to the wind load of the baseline model defined in
Section 2.2 considering the nonlinear soil-pile is presented in terms of

maximum bending moment at the mudline and damage equivalent load
[49], which are used as target values for the optimisation of the stiffness
proportional damping coefficient. These outputs are important param-
eters in the design of the wind tower and monopile.

The envelopes of the bending moment of the wind tower and
monopile are displayed in Fig. 10 for several wind speeds; for low wind
speeds, Fig. 10a shows an asymmetry of the distribution of the moments
because of the predominant effect of the static component of the wind
thrust in the tower deflection. For higher speeds, Fig. 10b reveals that
the dynamic effects become more relevant as they induce fluctuations in
the tower and generate more symmetric distributions. This is also
evident from the results presented in Fig. 11 which shows the mean and
standard deviation in the bending moment at the mudline, over the time
history. The mean component (Fig. 11a) corresponds to the response to
an equivalent static thrust and the standard deviation (Fig. 11b) corre-
sponds to the fluctuations due to turbulence.

It is worth noting that the maximum bending moment is reached at
10 m/s close to the rated wind speed when the turbine is generating its
maximum capacity, and then decreases with increasing wind speed, as
the blades are feathered to reduce thrust while maintaining constant
power output. The variability in the loading increases with the wind
speed since under the turbulence model used in the simulations the
fluctuations in the wind speed are increased in proportion to the mean
wind speed. Comparison with the responses obtained from the linear
model with zero soil-foundation damping (i.e. § = 0) is also shown in
Fig. 11. The results in terms of mean bending moment are similar
evidencing the low impact of the soil nonlinearities on the soil-pile ri-
gidity mainly affected by the static component of the thrust. A slight
difference can be observed for the case of the mean wind speed of 10 m/
s, where the impact of the wind loading on the bending moment is
maximum. On the other hand, the standard deviation values, mainly
caused by the randomness of the turbulent component of the wind load,
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are sensibly different between nonlinear and linear models with no
foundation damping. On average, the use of the linear model with zero
foundation damping results in an overestimate of 19 % of the peak
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Differences are also observed in the DELs, as shown in Fig. 12a. For
clarity, the DEL has been normalised by the results obtained from the
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nonlinear model, in Fig. 12b. On average the linear model with zero
damping gives an overestimate of 29 %, and a maximum of about 60 %.
These results show the importance of soil-foundation damping in the
design of wind tower turbines.

3.2. Optimisation of foundation damping for single wind realisation

In this section, the responses of the linear SSI model to the aero-
dynamic forces generated at several wind speeds, are presented. A single
simulation for each wind speed is considered. For a given wind speed,
the same turbulent wind field is used to derive the aerodynamic forcing
for both the linear and nonlinear models. Following the method in
Section 2.1, the stiffness-proportional coefficient, p, is calibrated to
approximate the response of the linear model to the baseline nonlinear
results.

Soil Dynamics and Earthquake Engineering 195 (2025) 109387

3.2.1. Sensitivity analysis

Before performing an optimisation of the stiffness-proportional co-
efficient, 3, a sensitivity analysis is conducted by varying the coefficient
between # = 0 and = 3 to obtain information about minimum location
and response sensitivity over foundation damping. Fig. 13 shows the
outcome of the analysis where the responses are normalised to the
baseline nonlinear results. The optimal values can be determined as the
one whose normalised response is closest to the unity. In the case of
multiple local minima, the optimum can be selected as the one closest to
satisfying both criteria, i.e. peak bending moment and DEL. It can be
noted in Fig. 13 that not every curve crosses the reference curve. The
investigated method does not modify the initial stiffness with an
equivalent secant one, hence, there are cases in which the additional
artificial damping is insufficient to capture the response exactly. How-
ever, for almost all the cases, a minimum value can be found, and the
response can be approximated with an error smaller than 10 %. More-
over, both peak mudline bending moment and DEL curves can cross the
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reference curve at different wind speeds, but often the local minimum
occurs at the same level of damping; therefore, an optimisation pro-
cedure can be performed on either objective function, obtaining accu-
rate responses. These results can also be used either as the direct best
approximate values or as initial guesses of the numerical optimisation,
thereby accelerating convergence.

In Fig. 14, the bending moment time-history functions are shown for
a few selected cases; a comparison between the response of the nonlinear
baseline model is performed against the linearized model with and
without foundation damping. It is evident that the baseline model in-
duces a nonlinear effect on the mudline bending moment; the response
does not vary monotonically with the damping level; in some sections of
the time series the response is increased for different damping levels,
and in other sections, it is reduced. Empirical exceedance probabilities
for responses at a wind speed of 10 m/s with six different damping levels
are shown in Fig. 15.

For the case f = 1.9, for higher probabilities, the response is less
than the undamped case, but for low probabilities, the response is
higher. As the responses do not simply scale with different damping
levels, random variability in the results should be also considered. The
maximum value observed in any random sequence is subject to large
sampling uncertainty. Asymptotically, the width of the confidence in-
terval for the exceedance probability of the largest observation is inde-
pendent of sample size, when plotted on a log-scale [50]. That is,
increasing the simulation length does not decrease the sampling un-
certainty associated with the largest observation. Instead, multiple
simulations of the same length are required to understand the distri-
bution of the maximum value in a given length of time. Therefore,
selecting the optimal damping level based on attempting to match the
largest load in the nonlinear simulation is unlikely to return robust re-
sults. Instead, some kind of integrated measure of the load, such as a DEL
or Kullback-Leibler divergence between response distributions is likely
to be more robust to sampling uncertainties. An analysis conducted on
multiple realizations is performed in Section 4.

3.2.2. Optimisation of the maximum bending moment at the mudline

In this section, numerical optimisation is conducted to minimise the
difference between the linear and baseline models regarding the
maximum bending moment at the mudline. Initial guesses obtained
from the sensitivity analysis are used for the nonlinear optimisation
analysis; this is repeated for each wind speed.

Responses of the linear model with optimal stiffness proportional
damping coefficient are illustrated in Fig. 16. In Fig. 16a, the absolute
maximum bending moments of the baseline model are indicated by
black circles while the model with optimal damping is indicated by red
crosses. Fig. 16a demonstrates good agreement with the results, which
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confirms the efficacy of the simplified approach. In addition, the results
of the linear model with no foundation damping are indicated in Fig. 16a
by blue “X” makers. The average error of 15 % from the undamped
model is reduced to 2 % using the optimal stiffness proportional coef-
ficient. For the same analyses, the results for the DEL are presented in
Fig. 16b through normalised values. The results of the model with no
foundation damping have a mean error of about 29 %, while the results
of the model with stiffness proportional damping coefficient have an
error of 9 %. It is worth noting that the stiffness proportional damping
coefficient was optimized to minimise the error on the bending moment
and hence, errors were expected as observed from the sensitivity anal-
ysis. On the other hand, as observed from the sensitivity analysis, local
minima occur at similar damping levels.

3.2.3. Optimisation of damping coefficients based on the damage equivalent
load

In this section, numerical optimisation is conducted to minimise the
difference in terms of the DEL computed via Eq. (13) for the linear and
nonlinear models. The normalised results are shown in Fig. 17a. An
excellent match of the response is observed compared to the undamped
model, with an average error of about 7 %; moreover, the results are all
on the conservative side.

For the same optimized damping values, the peak bending moment
values at the mudline are shown in Fig. 17b. Although the optimisation
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Fig. 14. Time-history bending moment functions at the mudline with and without foundation damping for three wind speeds, a)5 m/s,b) 10 m/s and c¢) 50 m/s.
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has been conducted to minimise the error in the DEL, a better prediction
of the peak values is obtained, with an average error that decreases from
about 14.1 % for the undamped model to 4.8 % for the model with
optimal stiffness-proportional damping.

5
a) - ® Optimal Values
o, ® 7 local optimum
E 49 == - *
T rwan=0.2777
A
=
g 31
™
c
£
o 21
=1
2
=
n
............................. -
0 T - ? T T ? T
o 10 20 30 40 50

Mean (total) velocity at the reference height [m/s]

b)

3.2.4. Verification through fitted values

The stiffness-proportional damping coefficients obtained through the
two numerical optimisation methods are used to derive empirical re-
lations between the optimal values and the wind speed. In Fig. 18a, the
stiffness-proportional damping coefficients obtained by minimizing the
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Fig. 18. Optimal stiffness-proportional values to minimise the error on the peak bending moment at the mudline for a) operational and extreme and b) only
operational wind speed intervals.
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error on the peak bending moment at the mudline are fitted through a
constant average value to cover the entire interval of operation and
extreme wind. Since two local minima were found in the sensitivity
analysis (Fig. 13i), the smaller one has been considered. For operational
speeds in the interval of 5 m/s — 25 m/s, a linear regression line is ob-
tained, as depicted in Fig. 18b. Empirical parameters of the fitted curves
are indicated in each legend.

Similarly, for the case of optimal values obtained by minimizing the
error on DEL, a constant value and linear curve are derived in Fig. 19a
and b, respectively. To assess the effectiveness of the fitted values, wind
simulations are performed by using the updated foundation damping.
Responses of the model with fitted $ values are shown in Fig. 20a for the
peak bending moment at the mudline and in Fig. 20b for the DEL. A red
cross symbol is used for the values optimized for the peak bending
moment and a small cyan dot for the optimisation of the DEL. Good
results are obtained through both methods, with a mean error of less
than 4 % on the peak bending moment and than 6 % on the DEL. The
linear best-fit function returns a better accuracy, and a more conserva-
tive outcome compared to the constant value approximation.

3.3. OPTIMISATION OF FOUNDATION DAMPING FOR RANDOM WIND REALIZATIONS

The effect of the random variability in the aerodynamic loads on the
optimized damping level is also investigated. Hydrodynamic loading
which results in further random variability is not considered in this
analysis to focus on the aerodynamic impact on the responses. Ten
random turbulent wind fields for each wind speed were generated.
Following the method in Section 2.1, the stiffness-proportional viscous
damping is calibrated to approximate the average response of the linear
model with foundation damping to the mean results of the baseline
model.

Fig. 21a shows the maximum bending moments at the mudline for
every simulation; their mean and standard deviation values are also
reported in Fig. 21b and ¢, showing the impact of the “static” component
or thrust of the aerodynamic forces and the turbulent component,
respectively. Variability of the responses is measured through the co-
efficient of variation (COV) in Fig. 21d. The mean values are similar for
most of the cases except a slight dispersion is observed for the wind
speed of 10 m/s where high bending moments induce nonlinearities on
the soil-pile interaction. However, there is a larger scatter in standard
deviation values, with an average coefficient of variation (COV) of about
29 %. This pattern is to be expected since the random turbulent wind
fields have the same mean wind speeds, but different random variations
about the mean. It is important to note that the damping is predomi-
nantly driven by the dynamic effects on the soil-pile system, related to
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the turbulent wind fields.

3.3.1. Sensitivity analysis

A sensitivity analysis of the dynamic response is performed as in
Section 3.2.1 for each realisation of the set of aerodynamic forces, by
varying the stiffness-proportional coefficient, between f = 0 and g = 3.
Fig. 22 shows the outcome of the sensitivity analysis in which the re-
sponses are normalised to the baseline nonlinear results for selected
wind speeds, i.e. 5m/s, 15 m/s and 50 m/s. The dashed curves represent
the results for each realisation whilst the solid curves represent the mean
values. Optimal values of the foundation damping coefficient are
different for each realisation and for the same wind speed, the sensitivity
curves can or cannot cross the unitary normalised response. For extreme
winds, the dispersion increases with the increase of the turbulent
component of the aerodynamic forces. The average curves at each wind
speed will be used to obtain the optimal values used as the initial guess
of the following optimisation procedure.

3.3.2. Optimisation of damping coefficients

To support the findings of the sensitivity study, an optimisation
analysis is carried out using two objective functions to minimise the
error on the peak bending moment at the mudline and the DEL. Results
of the responses for every investigated case are reported in Fig. 23;
markers are used to indicate the individual analysis while the dashed
lines represent the average of the responses for the four cases, i.e. the
baseline model, the linear model with foundation damping optimized to
reduce the error on the peak bending moment and the DEL, as well as the
response of the linear model without foundation damping. This shows
that, after the effects of random variability are removed (by averaging
over 10 simulations), the linear model with optimized damping gives
results which are close to the average response of the nonlinear model,
regardless of which optimisation strategy is used.

The improvement in the accuracy of the response compared to the
model without foundation damping is not negligible; moreover, these
results evidence the efficacy of considering stiffness-proportional
damping in capturing the hysteretic damping of the soil when a low-
fidelity model needs to be used.

The computed stiffness-proportional damping values are illustrated
in Fig. 24; the dispersion of the optimal values is high (average COV of
about 75 %) for the optimisation of the peak bending moment and
medium (average COV of about 24 %) for the optimisation of the DEL.
Linear regression analysis is carried out on the mean values for each
objective function (Fig. 24a and b) shows a good correlation with the
distribution of both peak bending moments and DEL values. Addition-
ally, a global mean value, equal to 0.3671 for the peak bending moment

0.6
— ® Optimal damping
==+ B=0.01w,+0.04, R*=073
A g5 e
E
L
i »
E 044
9
g 0.3 ’_/f'“
£ o
2 -t .
S 021 e
= -
- L
B 2T
2014 .-
£
o L]
0.0 T T T T T T T T
5 10 15 20 25 30 k- 40

Mean (total) velocity at the reference height [m/s]

Fig. 19. Optimal stiffness-proportional values to minimise the error of the DEL for a) operational and extreme and b) only operational wind speed intervals.
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and 0.1763 for the DEL is also considered for an approximate verifica-

tion carried out in the next section.

3.3.3. Verification through averaged values

The average stiffness-proportional damping values are used to
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perform a verification of the proposed method, as illustrated in Fig. 25a
and b, for the peak bending moment and DEL, respectively. The average
responses represented through dashed lines are compared to the base-
line responses as well as the responses of the linear model with no
foundation damping. Despite an average value being used as foundation
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damping, the linearized models capture the effects of the nonlinearities
well, reducing the average error compared to the linear model with no
foundation damping. Therefore, an improvement in the predictive
capability can be obtained by using a simplified approach with stiffness-

proportional damping.
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The simplified approach generally reduces result dispersion in terms
of maximum bending moment and DEL. The average computed COV
decreases by approximately 13 %, from 6.8 % with no foundation
damping to 5.9 % using the simplified damping approach. Reducing
result dispersion mitigates analysis uncertainties and enhances design
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reliability.
4. LIMITATIONS OF THE SIMPLIFIED MODEL

In this study, an investigation on the use of the stiffness proportional
damping coefficient to capture soil nonlinearities due to the wind load is
conducted. This simplified approach is used to improve the design of the
wind towers when low-fidelity models are considered. By retaining the
same computational complexity, the stiffness-proportional viscous
damping provides a simple and effective approach to enhance the ac-
curacy of the model response, enhancing the quality of the design, and
optimizing the wind tower structure and components, avoiding
overdesigning.

It is worth emphasizing that the impact of the soil nonlinearities on
the dynamic response of the wind tower is twofold,; firstly, it increases
the overall damping by dissipating energy through material hysteresis in
the soil. Secondly, it alters the overall rigidity of the soil-pile-structure
system according to the hardening or softening behaviour of the soil.
This latter aspect can be relevant since it affects the natural frequencies
of the system and hence, its static and dynamic behaviour.

The method investigated in this paper is based on the use of stiffness-
proportional damping coefficients, neglecting the modification of the
soil-pile stiffness value, which could be done through linear equivalent
methods or nonlinear analyses.

Therefore, it should be clarified that the investigated method can be
used efficiently when soil-pile deformations are expected to be small,
and the modification of the soil stiffness is low. For the case study
considered here, the assumption of small soil-pile deformations was
reasonable for wind speeds in the range 5 m/s — 50 m/s.

Therefore, a careful consideration of using this approach should be
made when.

i. A seismic design should be performed. Converse to the wind
loading where the dynamic counterpart is small compared to the
static thrust, a ground motion earthquake can produce large dy-
namic displacements of the pile. In case of low-intensity earth-
quake events, a substructure method can be applied. Under
extreme events, large variations of the soil stiffness cannot be
neglected, and a 3D finite element analysis is suggested.

. The wind turbine is founded on degrading soils. Whilst wind
loads do not produce sensible excess pore pressure built up under
operational speeds [51], sandy and clayey soils can suffer fatigue
under specific conditions [52] that significantly alters the overall
response [45]. In this case, the Allotey and El Naggar’s model has
implemented a fatigue model [53] that can simulate several cy-
clic degradation responses.
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iii. The soil deposit is a medium-loose sand or soft clay. In this case,
the pile should be designed to avoid large deformations. The
proposed approach can still be used, although the elastic stiffness
of the springs should be computed through a push-over approach
to obtain equivalent or secant values.

5. CONCLUDING REMARKS

Wind turbine design requires thousands of simulations to cover
several load cases prescribed by the standards and guidelines. At the
preliminary stage, low-fidelity models are used to obtain the first design
of the wind turbine tower and components.

Normally, the models used at this stage neglect the nonlinearities
induced by the soil-structure interaction effects, since modelling
nonlinear SSI requires a large computational demand.

Without altering the complexity of the model, this study investigates
the use of a simplified approach through stiffness-proportional viscous
damping coefficients applied to the soil-foundation system, to enhance
the predictive capability of the low-fidelity models in simulating the
dynamic response of wind turbines subjected to wind loading. Low-
fidelity models can also be obtained through equivalent linearisation,
although this increases the number of evaluations required to obtain
equivalent properties and consequently, the computational cost. Alter-
natively, frequency-dependent models could be a viable solution,
although they have not yet been developed for PISA-like models con-
taining rotational springs and are restricted to frequency-domain anal-
ysis. The proposed simplified approach is of rapid and easy use for
practitioners and represents a viable tool to investigate the impact of the
foundation damping on offshore wind turbines.

This paper investigates the relevance of considering soil-foundation
damping for the IEA 15 MW reference wind turbine [34], which repre-
sents the latest generation of wind turbines and is at an early stage of
commercialization. The findings obtained in this case study are listed
below.

e In the interval of wind speeds between 5 m/s and 50 m/s, soil non-
linearities are not negligible. The maximum bending moment at the
mudline and the DEL obtained through the nonlinear baseline
models differ by up to 31 % from the ones computed through the
linear model where soil-pile damping is neglected.

The peak bending moment of the nonlinear model is reduced
compared to the linear models, hence, neglecting soil-foundation
damping leads to the overdesign of the tower and monopile.
Similar considerations are observed for the Damage Equivalent Load,
with higher values compared to the baseline response, although not
occurring for every investigated case.
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e The use of stiffness-proportional viscous damping has been proven to
be effective in reducing the differences with the baseline model. The
simplified method enabled multiple simulations to be run without
increasing computational time.

e A regression curve can be used to derive the stiffness-proportional

damping coefficients; verification has shown a good improvement

in obtaining more accurate results compared to models with no
foundation damping, for both deterministic and random analyses.

The method is efficient and conservative for the computation of the

maximum bending moment at the mudline.

Minimizing the error on the DEL generates less dispersed optimal

foundation values on the random analysis. This is because the DEL is

an integrated measure of the load, and hence a more robust metric
for sampling uncertainties.

e Although the error of the DEL is overall reduced, non-conservative
results can be obtained especially at low wind speeds. In that case,
nonlinear analyses should be always carried out when fatigue ana-
lyses are required to avoid non-conservative outcomes.

In conclusion, this study highlights the importance of accounting for
foundation damping in the preliminary design of offshore wind turbines.
The simplified approach adopted here, which uses constant stiffness-
proportional foundation damping coefficients for both lateral and
rotational soil-pile interactions, enhances the accuracy of key dynamic
responses, such as the maximum bending moment at the mudline and
the DEL. While the results are specific to the case study of the IEA 15 MW
reference wind turbine [34], the proposed stiffness-proportional viscous
damping approach can be applied to different wind turbines, monopiles,
and wind and soil conditions, following the proposed methodology. It is
particularly suitable for fast computations when numerous simulations
are required.
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