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  A B S T R A C T 

  
The creep crack initiation behaviour of Type 316H stainless steel at 

550 °C has been predicted by implementing a stress dependent creep 

ductility and average creep strain rate model in finite element analyses. 

Simulations were performed on five specimen geometries: C(T), CS(T), 

DEN(T), M(T) and SEN(T). The predicted results have been 

characterised using the C* fracture mechanics parameter and the short-

term, long-term and transition creep crack initiation trends are predicted 

for each of the specimen geometries examined. The prediction results 

have been validated through comparison with experimental data 

available in the literature. The predicted short-term and long-term creep 

crack initiation trends have also been compared with NSW prediction 

lines. The predicted results, from each specimen geometry, are 

compared to each other and the differences in crack initiation trends 

have been discussed in terms of the specimen geometry, in-plane 

constraint and stress level effects on the creep crack initiation behaviour 

of the material. A mesh sensitivity analysis has also been performed to 

find the optimum mesh size for performing crack initiation simulations.  
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1 Introduction 

It is known that Creep Crack Growth (CCG) is the main failure mechanism in many of 

the engineering components operating at elevated temperatures. In order to assess the 

structural integrity of these high temperature components, it is necessary to characterise 

the creep properties of the material in order to predict the creep crack initiation (CCI) 

and growth behaviour of the components. Type 316H stainless steel (SS) is widely used 

in the UK power plant components, with an operating temperature of around 550 °C. 

Significant research has previously been done to characterise the CCI and CCG 

behaviour of this material at high temperatures to provide reliable remaining life 

estimates for the components made of this material. Although CCG has been the main 

focus of most of the experimental testing programmes, the period of time required to 

initiate a crack from a pre-existing defect introduced in fracture mechanics specimens 

may take up to 80% of the test duration [1]. Therefore, in component life assessments, it 

is essential to predict the CCI behaviour of the material. The onset of crack growth from 

a pre-existing defect is often denoted incubation time and in this paper is referred to as 

creep crack initiation time. 

A large number of experimental and numerical CCI and CCG investigations have 

previously been carried out on a range of fracture specimen geometries made of 316H 

SS to determine the long-term and short-term behaviour of the material [2]–[9]. In the 

majority of the existing analytical and numerical CCG prediction models, the uniaxial 

creep ductility (i.e. creep strain at failure) and uniaxial creep properties have been 

assumed constant and unchanged in short-term and long-term tests. Thus, accelerated 

high load (i.e. short-term) CCG predictions have been extrapolated to predict the long-

term behaviour of the material. However, it has been noted that short-term (i.e. high 

load) tests can influence the plastic zone size ahead of the crack tip, due to the relatively 

low yield stress of the material (σ0.2 = 170 MPa at 550 °C), which can cause reduction in 

the specimen constraint level and subsequently lower CCG rates [9]–[11]. An 

experimental investigation of the CCG behaviour in 316H at 550 °C in [11] has 

confirmed that due to the change in the specimen constraint level under different loads, 

a different CCG trend was observed in long-term tests compared to the short-term 

experimental data. 
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A study was recently conducted to show that the uniaxial creep properties in 316H SS 

are different from short-term to long-term tests, resulting in a new approach to estimate 

creep ductility trends that are dependent on the applied stress normalised by the yield 

stress, thus accounting for the plasticity effects on the creep behaviour of the material 

[12]. The result of this work implies that the use of short-term data to predict long-term 

behaviour is inappropriate, due to the observed difference in short-term and long-term 

creep tests. Since components are usually subjected to relatively low load levels 

compared with those applied in accelerated short-term tests, the new estimated trends 

presented in [12] provide a more accurate approach for the analysis and design of high 

temperature components operating at low stresses. The stress dependent creep ductility 

trends developed in [12] were implemented in finite element (FE) simulations to predict 
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the CCG behaviour in compact tension, C(T), 316H specimens, and good agreements 

were found between FE predictions and experimental data [12],[13]. 

It is evident in the literature that the focus of CCG experimental testing programmes has 

mainly been on standard C(T) specimen geometry since it provides conservative CCI 

and CCG trends due to the high constraint level. However, the ASTM standard [14] and 

European CoP [10] recommend, within the possibilities, performing tests on different 

fracture specimen geometries, specimen size and dimensions, in order to increase the 

confidence in the material crack growth data produced. The characterisation of the CCI 

and CCG behaviour in other specimen geometries allows the data to be used in defect 

tolerance assessment of components [10]  as well as more realistic and reasonable 

predictions for components that are compatible with lower constraint specimens. 

According to the ASTM standard [14] and the European CoP [10], additional industrial-

relevant geometries valid for CCI and CCG testing are C-shaped cracked specimen in 

tension, CS(T), double edge notched specimen in tension, DEN(T), middle cracked 

specimen in tension, M(T) and single edge notched specimen in tension, SEN(T). 

Loading conditions, crack length, specimen size and geometry affect the state of stress 

at the crack tip, which can subsequently influence the CCI and CCG behaviour of the 

material [14]–[20]. It has been observed that CCG rates in steel generally increase with 

specimen thickness [15] and decrease with a reduction in the constraint level [16], while 

recent studies have found that the creep behaviour is also stress regime dependent [12], 

[19]–[22]. Furthermore, the effects of fracture mechanics specimen geometry on the 

crack tip constraint level and subsequently crack growth behaviour of the material have 

been numerically investigated in [17] and experimentally observed in [23]–[27]. The 

findings show that CCG rates in the C(T) specimen are about five times higher 

compared to the M(T) specimen, therefore determining that for a given thickness and 

loading condition the C(T) specimen geometry induces a higher constraint level 

compared to the M(T) geometry.  

In recent work by Mehmanparast [22], the CCG behaviour of 316H stainless steel at 

550 °C was predicted for a range of specimen geometries, using a stress dependent 

creep ductility model, and good agreement was found between the predicted trends and 

the experimental data. The new stress dependent uniaxial creep properties presented in 
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[12] and [22] have not yet been examined to predict the short-term and long-term CCI 

behaviour of 316H SS at 550 °C. Therefore, in this work the stress dependent creep 

ductility model has been implemented in FE simulations to predict the short-term and 

long-term CCI behaviour of 316H stainless steel at 550 °C over a wide range of load 

levels in five specimen geometries. The specimen geometries considered are C(T), 

CS(T), DEN(T), M(T) and SEN(T), in order to investigate the specimen geometry, 

therefore in-plane constraint, effects on the CCI behaviour of the material. The CCI 

trends obtained from FE simulations have been validated through comparison with 

experimental data available in the literature. Comparisons have also been made between 

the predicted results and the analytical creep crack initiation prediction model 

developed by Nikbin, Smith and Webster (NSW) [2]. 

2 Creep deformation and crack initiation 

2.1 Uniaxial creep deformation 

Uniaxial creep tests are performed on round bar specimens under a range of stresses to 

determine the creep properties of a material at a given temperature. The results from 

these tests are plotted in the form of creep strain versus time. The creep response of a 

material can be divided into three stages: primary, secondary and tertiary creep regions. 

The creep strain rate obtained from the secondary creep region is referred to as 

minimum or steady state creep strain rate, 𝜀ṡ, and can be described, for a power law 

creeping material, by Norton’s power law [1],[28]: 

 𝜀�̇� = 𝐴𝜎𝑛 (1) 

where σ is the applied stress, A is the temperature dependent material constant and n is 

the power law creep stress exponent. Alternatively, the average creep strain rate, 𝜀Ȧ, 

which accounts for the three creep regions may be described as 

 𝜀�̇� =
𝜀𝑓

𝑡𝑟
 (2) 

where ε𝑓  is the creep ductility and tr is the creep rupture time. The stress dependency of 

the average creep strain rate can be described using the power law relationship 

 𝜀�̇� = 𝐴𝐴𝜎𝑛𝐴  (3) 
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where AA and nA are the average creep power law stress coefficient and exponent, 

respectively. 

2.2 Stress dependency of uniaxial creep properties 

The creep rupture time, 𝑡𝑟, at a given temperature under a range of stress levels can be 

described by the power law relationship 

 𝑡𝑟 = 𝐵𝑟𝜎−𝑣𝑟  (4) 

where 𝐵𝑟 is the temperature dependant rupture constant and 𝑣𝑟 is the rupture life stress 

exponent. Using Eqns (2), (3) (4), the dependency of creep ductility on stress can be 

defined as 

 𝜀𝑓 = 𝐴𝐴𝐵𝑟𝜎𝑛𝐴−𝑣𝑟  (5) 

Eqn (5) shows that creep ductility becomes stress independent when 𝑛𝐴 = 𝑣𝑟, 

otherwise, the creep ductility becomes a function of stress and is proportional or 

inversely proportional to a power of the applied stress when 𝑛𝐴 > 𝑣𝑟  or 𝑛𝐴 < 𝑣𝑟, 

respectively.  

It has been shown in [12] that the average creep strain rate and creep rupture behaviour 

for 316H SS at a given temperature may be represented by two power law fits to the low 

and high stress regions. Fig. 1 shows the stress dependent average creep strain rate and 

creep rupture trends for 316H SS at 550 °C, in which the applied stress has been 

normalised by 0.2% proof stress of the material. 

  

Fig. 1. (a) Average creep strain rate, (b) rupture time trends for 316H stainless steel at 550 °C [12] 
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From Fig. 1 and Eqn (5) it can be inferred that constant values of creep ductility are 

expected in the low and high normalised stress regions where 𝑛𝐴 = 𝑣𝑟. However, at 

intermediate normalised stress levels (0.84 < σ/σ0.2 < 1.32), the creep ductility becomes 

stress dependent. As seen in Fig. 2, the estimated creep ductility trends for 316H 

stainless steel at 550 °C consist of an upper shelf of 13.6% (for σ/σ0.2 ≥ 1.32), a lower 

shelf of 0.9% (for σ/σ0.2 ≤ 0.84) and a stress dependent transition region in between (for 

0.84 < σ/σ0.2 < 1.32). 

 

Fig. 2. Creep ductility trends for 316H stainless steel at 550 °C [12] 

2.3 Creep crack initiation and growth 

Creep crack initiation and growth tests are performed on fracture specimen geometries, 

which contain a pre-existing defect (i.e. starter crack). Prior to crack growth, a large 

amount of time is required for the creep damage to build up ahead of the crack tip. This 

period is often referred to as creep crack initiation time, 𝑡𝑖, and can be defined as the 

time for a small measurable crack extension to occur from a pre-existing defect, which 
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long periods, when a steady state of creep deformation and damage has developed ahead 

of the crack tip, the creep crack initiation time, 𝑡𝑖, may be correlated with the creep 
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where D and 𝜙 are CCG material constants and Δa is the small measurable crack 

extension. Under steady state conditions, �̇� vs. C* data appear as a straight line on log-

log axes; however, prior to this, the data points will appear as a “tail” region.  

The C* parameter can be calculated by 

 𝐶∗ =
𝑃∆̇

𝐵𝑛(𝑊 − 𝑎)
𝐻𝜂 (7) 

where P is the applied load, ∆̇ is the creep load line displacement rate, Bn is the 

specimen net thickness, W is the width of the specimen and a is the crack length. In Eqn 

(7)  H and η are non-dimensional geometry dependent parameters the solutions of which 

can be found in [14]. The ASTM E1457 standard [14] specifies the validity criteria in 

order to characterise the steady state creep crack growth behaviour of the material using 

the C* parameter. The ASTM E1457 standard [14] also specifies the procedure to 

determine the creep load line displacement rate, ∆̇, which has been recommended to be 

taken as the total load line displacement rate in C* calculations. 

2.4 Normalised reference stress 

The normalised reference stress provides a measure of the extent of plasticity ahead of 

the crack tip [1] and is defined by: 

 
𝜎𝑟𝑒𝑓

𝜎0.2
=

𝑃 

𝑃𝐿𝐶
 (8) 

where P is the applied load, PLC is the plastic collapse load in a cracked body for a 

perfectly-plastic material and σ0.2 is taken as the yield stress of the material. The 

solutions for PLC in plane stress and plane strain conditions for various specimen 

geometries are given in [29]. If the normalised reference stress is much less than unity, 

the plasticity in the specimen is expected to be limited; however, if the normalised 

reference stress is much larger than unity, this indicates high plasticity, which can lead 

to a reduction in the specimen constraint level. 

3 Creep crack initiation prediction models 

In this work CCI has been predicted through analytical and FE simulations. Stress 

dependent creep properties have been employed in FE simulations and the results are 
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compared with analytical predictions from the NSW model in which constant creep 

properties are employed. The numerical and analytical CCI models are described next. 

3.1 Finite element simulations 

Creep crack initiation times have been predicted in different specimen geometries over a 

range of loading conditions using FE simulations. The FE models and creep damage 

calculations implemented in a subroutine are described below. 

3.1.1 Specimen geometries and mesh design 

Two dimensional (2D) FE analyses have been conducted on five fracture mechanics 

specimen geometries with different in-plane constraint levels. The specimen dimensions 

considered in the FE analyses were chosen based on the dimensions of the samples 

tested in [11] and previous creep crack growth studies in [12], [22]. The dimensions are 

shown in Table 1 and the geometries in Fig. 3, where W is the specimen width, B is the 

specimen thickness, a0 is the initial crack length and L is the specimen half-length. 

Table 1. Summary of specimen dimensions 

Specimen  

geometry 
Constraint level W (mm) B (mm) a0/W L (mm) 

R (mm) 

Ri Ro 

C(T) High 50 25 0.5 - - - 

CS(T) High 25 25 0.2 - 25 50 

DEN(T) Low 12.5 12.5 0.3 37.5 - - 

M(T) Low 12.5 12.5 0.3 37.5 - - 

SEN(T) Low 25 12.5 0.3 37.5 - - 
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Fig. 3. Schematic illustration of specimen geometries (a) C(T), (b) CS(T), (c) DEN(T), (d) M(T), (e) SEN(T) 

Symmetry boundary conditions were employed in the models, therefore only half of the 

geometry has been modelled for the C(T), CS(T) and SEN(T) specimens, while the 

DEN(T) and M(T) specimen models feature a quarter of the geometry. With regard to 

load application, for the C(T) and CS(T) specimen models the load has been applied to 

a reference point which represents the centre of the pin in the experimental tests. For the 

DEN(T), M(T) and SEN(T) specimen models, the total load has been uniformly 

distributed along the elements located at the top edge of the model, with a distance of  L 

from the crack mouth opening plane. For the DEN(T), M(T) and SEN(T) specimen 

models, ends of the specimens were constrained to remain plane and not to rotate as the 

specimen deforms . The FE models and mesh designs for a range of fracture specimen 

geometries examined are shown in Fig. 4.  

For all the models, a semi-circular focused mesh has been designed around the crack tip 

(see Fig. 4). A small geometry change analysis has been performed and the models have 

c) d) e)a) b)

c) d) e)a) b)
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been meshed using three-noded linear plane stress triangular elements (CPS3) in the 

first semi-circular ring at the crack tip, to introduce a sharp crack tip, and four-noded 

linear plane stress quadrilateral elements (CPS4) for the rest of the geometry. For the 

focused mesh, the element size spans from 10 to 500μm, for a distance of 5mm from the 

crack tip, biased towards the crack tip, as shown in Fig. 4. The optimum element size in 

the focused mesh region was chosen based on the mesh sensitivity analysis that is 

presented along with the prediction results in the next section. For each of the specimen 

geometries considered, a wide range of loads has been applied to cover a large range of 

C* values. The loading conditions applied on each of the fracture specimen geometries 

examined in this study are summarised in Tables 3-7. 

 

Fig. 4. Mesh design of specimen geometries (a) C(T), (b) CS(T), (c) DEN(T), (d) M(T), (e) SEN(T) 
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3.1.2 Elastic-plastic-creep properties 

FE analyses have been performed using elastic-plastic-creep properties. The time 

independent elastic-plastic tensile data for the 316H stainless steel at 550 °C employed 

in FE simulations were taken from [30] and are shown in Fig. 5. As shown in this 

figure, to avoid numerical difficulties in FE simulations the high temperature tensile 

data have been smoothed by removing fluctuating data points, which occur at elevated 

temperatures due to dynamic strain aging effects. The Young’s modulus E and yield 

stress σy (which is often taken as 0.2% proof stress, σ0.2) of the material at this 

temperature are 140 GPa and 170 MPa, respectively.  

 

 

Fig. 5. Tensile curve for 316H stainless steel at 550 °C 

The average creep strain rate (see Eqn (3)) has been defined in the model using stress 

dependent power law creep stress coefficients and exponents, as shown in Fig. 1. The 

average creep strain rate power law constants for the low stress (σ/σ0.2 < 1.035) and high 

stress (σ/σ0.2 ≥ 1.035) regimes are listed in Table 2. Moreover, stress dependent creep 

ductility values of 0.9% at the lower shelf (σ/σ0.2 < 0.84), 13.6% at the upper shelf 

(σ/σ0.2 > 1.32) and a stress dependent transition region in between (see Fig. 2) have been 

employed in simulations. 
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Table 2. Average creep strain rate power law constants for 316H stainless steel at 550 °C 

  AA (MPa
-n

 h
-1

) nA 

σ/σ0.2 < 1.035 6.56 × 10
-12

 2.3 

σ/σ0.2 ≥ 1.035 1.24 × 10
-23

 7.5 

3.1.3 Creep crack initiation simulations 

FE simulations were performed using ABAQUS 6.14 [31]. A user defined field 

(USDFLD) subroutine has been defined to calculate the creep damage at each time 

interval, in all elements, in ABAQUS simulations. The stress dependent creep ductility 

and average creep strain rate parameters shown in Fig. 1 and Fig. 2 are implemented in 

the subroutine such that at each time interval, appropriate values of AA, nA and ε𝑓 were 

determined in the subroutine based on the normalised stress level in each element. 

When an element is considered fully creep damaged, the crack growth is simulated by 

reducing the load carrying capacity of that element. This approach has been widely used 

in CCG and CCI simulations [3], [12], [13], [22], [32], [21], [33]. The creep damage 

model used in the FE simulations is described next and has been implemented in the 

subroutine.  

The creep damage accumulation ahead of the crack tip has been modelled based on the 

creep ductility exhaustion approach, which has been widely used in the simulation of 

CCG and CCI [4], [7], [12], [22], [32], [21], [33], [34]. The accumulated creep damage 

parameter 𝜔 is defined as 

 𝜔 = ∫ �̇�
𝑡

0

𝑑𝑡 (9) 

where �̇� is the rate of damage accumulation, which can be expressed as  

 �̇� =
𝜀�̇�

𝜀𝑓
∗ (10) 

In Eqn (10) εċ is the equivalent creep strain rate and εf
* is the multiaxial creep ductility 

which can be calculated using Eqn (12). By integrating Eqn (10), the total creep damage 

at any time can be calculated by 
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 𝜔 = ∫
𝜀�̇�

𝜀𝑓
∗

𝑡

0

𝑑𝑡 (11) 

The damage parameter 𝜔 ranges from zero to unity with 𝜔 = 0.0 at time t = 0 and 

failure occurring when 𝜔 = 1.0. When the accumulated damage at the centroid of the 

element reaches unity, the element is considered fully creep damaged, thus progressive 

cracking is simulated ahead of the crack tip and the load carrying capacity is reduced to 

a value of close to zero. It must be noted that in this simulation approach, the crack is 

allowed to deviate from the initial crack plane and the effective crack extension is 

measured by taking the magnitude of crack growth ahead of the crack tip. 

The multiaxial creep ductility, εf
*, in creep damage calculations can be estimated from 

the uniaxial creep ductility, 𝜀𝑓, through a multiaxial strain factor (MSF) solution, such 

that 

 𝜀𝑓
∗ = 𝜀𝑓 𝑀𝑆𝐹 (12) 

The value of the MSF for a given material can be determined experimentally or through 

a failure mechanism model. There are many models [35]–[37] proposed to calculate the 

multiaxial strain factor. The one which has been used in this study is the Cocks and 

Ashby void growth model [35] using which the MSF can be calculated as 

 𝑀𝑆𝐹 = 𝑠𝑖𝑛ℎ [
2

3
(

𝑛 − 0.5

𝑛 + 0.5
)] 𝑠𝑖𝑛ℎ [2 (

𝑛 − 0.5

𝑛 + 0.5
)

𝜎𝑚

𝜎𝑒
]⁄  (13) 

where n is the power law creep exponent and σm/σe is the ratio between the mean 

(hydrostatic) and equivalent (von Mises) stress. This ratio is known as stress triaxiality. 

3.2 NSW creep crack initiation model 

The model developed by Nikbin, Smith and Webster (NSW) [2],[38] has been widely 

used to predict the steady state creep crack initiation and growth behaviour of metallic 

materials at high temperatures. The NSW prediction model is stress state dependent 

and, therefore, provides different prediction lines for plane stress and plane strain 

conditions. The model is based on a ductility exhaustion approach and the crack growth 

is considered to occur when a critical level of damage is attained at a characteristic 
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distance, rc, ahead of the crack tip. Based on the NSW model, under steady state creep 

conditions the CCG rate, �̇�, can be predicted by 

 �̇�𝑁𝑆𝑊 =
(𝑛 + 1)

𝜀𝑓
∗ (𝐴𝑟𝑐)

1
(𝑛+1) (

𝐶∗

𝐼𝑛
)

𝑛
(𝑛+1)

 (14) 

where εf
* is the multiaxial creep ductility and 𝐼𝑛 is a non-dimensional function of n, 

values which are tabulated in [39]. It is recommended in [40] that εf
* in Eqn (14) is taken 

as the uniaxial creep ductility for plane stress conditions and reduced by a factor of 30 

for plane strain conditions. The distance rc in the NSW model is often taken as the 

material average grain size, thus is taken as 0.05mm in this study [11]. A modified 

version of the NSW model, known as NSW-MOD, has been derived in [41] to predict 

the CCG rate under steady state creep conditions by considering the dependency of 

creep strain on the crack tip angle, θ, and the creep stress exponent, n, in addition to the 

stress state. 

The lower and upper bounds for CCI time can be obtained using the steady state CCG 

rate, �̇�, and the CCG rate at the initial crack length, �̇�0. The initial CCG rate can be 

estimated to be (n+1) times less than the steady state value [11]. Therefore, the CCI 

time may be described as 

 
𝛥𝑎

�̇�
≤ 𝑡𝑖 ≤

(𝑛 + 1)𝛥𝑎

�̇�
 (15) 

Assuming steady state creep conditions ahead of the crack tip, the CCI time may be 

predicted using the NSW model by 

 
𝛥𝑎 𝜀𝑓

∗

(𝑛 + 1)(𝐴𝑟𝑐)
1

(𝑛+1)

(
𝐼𝑛

𝐶∗
)

𝑛
(𝑛+1)

≤ 𝑡𝑖 ≤
𝛥𝑎 𝜀𝑓

∗

(𝐴𝑟𝑐)
1

(𝑛+1)

(
𝐼𝑛

𝐶∗
)

𝑛
(𝑛+1)

 (16) 

4 Creep crack initiation prediction results 

FE simulations were performed on five specimen geometries (see Table 1 for the 

specimen details), under various load levels, as described in Tables 3-7. The predicted 

CCI results have been validated through comparison with experimental data presented 

in [11]. The number of test data sets available for each geometry are: 21 on C(T), one 
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on CS(T), three on DEN(T), five on M(T) and three on SEN(T). Additionally, for each 

of the specimen geometries examined, comparisons have been made between the 

predicted FE results and NSW prediction lines. For each FE simulation, the initiation 

time was recorded for a crack extension of 0.2mm and 0.5mm and t0.2 and t0.5 were 

predicted, respectively. Following the procedure explained in [7], the CCI times were 

verified when the first failure in any of the elements in the corresponding semi-circular 

ring was predicted. For each of the loading cases, the stress intensity factor at the initial 

crack length K(a0) is evaluated using the solutions given in [14] and tabulated in Tables 

3-7. Also included in these tables are the ratio of the initiation time at Δa = 0.5mm, 𝑡0.5, 

to the initiation time at Δa = 0.2mm, 𝑡0.2.  

After completing the FE simulations, the predicted load line displacement rates, ∆̇, 

corresponding to t0.2 and t0.5 were determined using the seven-point incremental 

polynomial technique details of which can be found in ASTM E1457 standard [14]. 

Following the  C* validity criteria specified in [10], [14] it has been assumed that steady 

state creep conditions were established at the CCI times corresponding to 0.2mm and 

0.5mm crack extensions. Therefore, the predicted CCI behaviour has been characterised 

using the crack tip fracture mechanics parameter C*. It is known that 2D plane stress 

and plane strain simulations provide the upper and lower bound CCI trends, respectively 

[42]. In a previous CCG study by Mehmanparast [22] it was noted that 2D plane strain 

analysis using stress dependent creep ductility trends can encounter significant 

numerical difficulties. Therefore, plane stress FE simulations have been performed in 

the present study and the plane strain CCI trends are estimated by assuming the CCG 

rates to be five times higher than the predicted plane stress rates (see Eqn (6)), as 

suggested in [22]. Note that in the previous work by other researchers (see e.g. [3], [32], 

[33]), the predicted 2D plane strain CCG trends were found in good agreement with 3D 

prediction results, though plane strain simulations usually terminate due to numerical 

difficulties before any notable damage is predicted in the model. 

4.1 Mesh sensitivity analysis 

The mesh size effects on the predicted CCG results in FE simulations have been 

examined in [3], [4] and it has been shown that the CCG rates increase by decreasing  

the mesh size employed in the model. The mesh size effects are more pronounced in 
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CCI simulations using a semi-circular focused mesh structure. Therefore, a mesh 

sensitivity analysis has been conducted in this study to choose the optimum element size 

in CCI predictions. The mesh sensitivity analysis was performed by running 2D plane 

stress simulations on the CS(T) specimen geometry using the CS1 load case presented 

in Table 4. Simulations were repeated, under the same load level, by varying the 

focused mesh size around the crack tip region. Three cases of biased mesh size with the 

smallest element size, located at the crack tip, of 10𝜇m, 30𝜇m and 50𝜇m were 

employed in the coarse, intermediate and fine mesh designs, respectively. The predicted 

creep crack initiation times corresponding to 0.2mm and 0.5mm crack extensions 

obtained from these analyses are shown in Fig. 6(a) and (b), respectively. It can be seen 

in Fig. 6 that reducing the mesh size leads to a decrease in the initiation time which, for 

the CS(T) specimen at CS1 loading condition, converges towards 20,000 and 37,600 

hours for a crack extension of 0.2mm and 0.5mm, respectively. The mesh sensitivity 

analysis shows that the fine biased mesh design, with the element size ranging from 

10μm to 500μm for a radial distance of 5mm from the crack tip, may be taken as the 

optimum mesh size below which the CCI prediction results would converge. The 

predicted creep damage around the crack tip region obtained from CCI simulations on 

the coarse, intermediate and fine mesh designs are presented in Fig. 7(a), (b) and (c), 

respectively. The results suggest that the element size has an effect on the damage 

initiation direction with the fine mesh showing an initiation angle, θi, of around two 

times smaller than the coarse mesh. 
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 Fig. 6. Predicted creep crack initiation time against element size for CS(T) geometry for a crack extension of 

(a) 0.2mm, and (b) 0.5mm 

 

 

 

Fig. 7. t0.5 creep damage prediction ahead of the crack tip in different mesh size models (a, b and c) for CS(T) 

geometry 

 

4.2 C(T) specimen geometry 

Nine loading cases have been examined on C(T) geometry and the loading conditions 

are given in Table 3. Also included in this table are the stress intensity factors at the 

initial crack length and normalised reference stress values for each of the loading cases 

considered. It can be seen in Table 3 that the normalised reference stress was less than 

unity for all the loading cases considered, indicating negligible plasticity in the 

simulations. The CCI prediction results are correlated with the C* fracture mechanics 

parameter in Fig. 8(a) and (b) for 0.2mm and 0.5mm crack extensions, respectively. 

Also included in Fig. 8 is the estimated plane strain CCI trend, shown in dashed lines 

and identified by the notation PE, which has been estimated by shifting down the FE 

plane stress (PS) trend by a factor of five. Additionally, the plane stress and plane strain 

NSW prediction lines calculated based on the initial CCG rate, �̇�0, and steady state 

CCG rate, �̇�, (see Eqn (16)) are shown in Fig. 8. For both PS and PE conditions, short-

term and long-term NSW prediction lines are provided, which were calculated using 

constant creep ductility and average creep strain rate power law constants corresponding 

to the upper shelf and lower shelf regions (see Fig. 1 and Fig. 2). Finally, included in 

a) b) c)
ω

Δa=0.5mm

θi

Crack tip
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Fig. 8 are the experimental data points using which the FE and NSW predictions can be 

validated. 

 

Table 3. Loading cases applied on C(T) geometry 

ID P (kN) K(a0) (MPa√m) σref/σ0.2  t0.5/t0.2 

CT1 2.50 4.32 0.13 1.77 

CT2 3.75 6.48 0.20 1.73 

CT3 5.00 8.64 0.26 1.61 

CT4 7.50 12.96 0.40 1.35 

CT5 10.00 17.28 0.53 1.20 

CT6 12.25 21.17 0.65 1.64 

CT7 14.50 25.05 0.77 1.81 

CT8 15.75 27.21 0.83 2.28 

CT9 17.00 29.37 0.90 2.10 
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Fig. 8. Comparison of predicted creep crack initiation trends with the experimental data and NSW predictions on 

C(T) geometry for a crack extension of (a) 0.2mm, and (b) 0.5mm 

Fig. 8(a) and (b) show that three CCI trends are apparent in the FE PS predictions; a 

long-term trend at low C* values, a short-term trend at high C* values and a transition 

behaviour from short-term to long-term CCI behaviour at intermediate C* values. It can 

be seen in Fig. 8 that the short-term (high C*) CCI trend predicted by FE PS simulations 

is greater than would follow from an extrapolation of the long-term (low C*) line. This 

indicates that if the short-term CCI trends are extrapolated to the very low C* region, 

the t0.2 and t0.5 CCI times may be overestimated by around an order of magnitude. 

Further seen in Fig. 8(a) and (b) is that the long-term experimental data points fall in 

between the FE PS and estimated PE trends. If the short-term PS and PE trends are 

extrapolated to the higher C* region, some of the existing short-term experimental data 

points on the C(T) specimen will fall between the FE PS and estimated PE trends, 

whereas other data points fall above the predicted PS trend. Comparison of the FE 

predictions and NSW lines in Fig. 8(a) and (b) shows that for both 0.2mm and 0.5mm 

crack extensions, the predicted FE PS trends fall close to the lower bound NSW lines 

(i.e. calculated using �̇�) and the estimated PE trends fall upon or close to the upper 

bound NSW lines (i.e. calculated using �̇�0). Finally seen in Fig. 8(a) and (b) is that 

almost all experimental data points fall in between the short-term upper bound PS NSW 

line and the long-term upper bound PE NSW line. 

1E+01

1E+02

1E+03

1E+04

1E+05

1E-09 1E-08 1E-07 1E-06 1E-05 1E-04 1E-03

t i
(h

)

C*(ti) (MPam/h)

(b) Δa = 0.5mm



21 

 

4.3 CS(T) specimen geometry 

A wider range of normalised reference stress has been examined on CS(T) geometry 

and the nine loading conditions are given in Table 4. It can be seen in this table that the 

normalised reference stress values for CS8 and CS9 loading cases were greater than 

unity, indicating considerable plasticity of the specimen under these loading conditions. 

The CCI predictions obtained from FE simulations and NSW lines are presented in Fig. 

9(a) and (b) for the crack extension of 0.2mm and 0.5mm, respectively. Similar to C(T) 

specimen geometry, short-term, long-term and transition trends can be inferred in FE PS 

predictions. Given that there is only one set of experimental data on the CS(T) 

specimen, no experimental trends are seen; however the existing t0.2 data point falls 

between the FE PS and estimated PE trends, and the t0.5 data point coincides with the FE 

PS predicted trend. It can be seen in Fig. 9 that the long-term and short-term FE PS 

trends start to appear at C* values of lower than 1×10
-7

 MPam/h and greater than 1×10
-6

 

MPam/h, respectively.  Also seen in this figure is that the FE PS and estimated PE 

trends fall upon or in between the lower bound (calculated using �̇�) PS and PE NSW 

lines. 

 

Table 4. Loading cases applied on CS(T) geometry 

ID P (kN) K(a0) (MPa√m) σref/σ0.2  t0.5/t0.2 

CS1 2.50 4.19 0.17 1.88 

CS2 3.75 6.29 0.26 1.69 

CS3 5.00 8.39 0.35 1.60 

CS4 7.50 12.58 0.52 1.39 

CS5 10.00 16.77 0.70 1.26 

CS6 12.50 20.97 0.87 1.35 

CS7 14.00 23.48 0.98 1.99 

CS8 15.50 26.00 1.08 2.48 

CS9 16.00 26.84 1.12 2.20 
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Fig. 9. Comparison of predicted creep crack initiation trends with the experimental data and NSW predictions on 

CS(T) geometry for a crack extension of (a) 0.2mm, and (b) 0.5mm 

4.4 DEN(T) specimen geometry 

A summary of the loading conditions on the DEN(T) specimen is given in Table 5 

where it can be seen that ten loading cases were examined. Due to numerical 

difficulties, higher load simulations were not possible and a smaller range of normalised 

reference stress was examined for this specimen geometry. The FE simulation results on 

this specimen geometry are presented and compared with the NSW prediction line and 

the existing experimental data in Fig. 10(a) and (b) for the crack extension of 0.2mm 

and 0.5mm, respectively. Similar to the previous two geometries, short-term, long-term 

and transition CCI trends were predicted by FE PS simulations. It can be seen in Fig. 10 

that if the short-term FE PS trend is extrapolated to the higher C* region, then one of 
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the existing experimental data points will fall close to the FE PS predictions, though the 

other two data points fall slightly above this predicted trend. Also observed in Fig. 10 is 

that the short-term and long-term upper bound (i.e. calculated using �̇�0) NSW PS 

prediction lines are in good agreement with the limited data points available on this 

specimen geometry; however, more experimental data in the high and low C* regions 

are needed to confirm this observation. 

Table 5. Loading cases applied on DEN(T) geometry 

ID P (kN) K(a0) (MPa√m) σref/σ0.2  t0.5/t0.2 

DT1 4.50 1.75 0.10 1.82 

DT2 5.63 2.19 0.13 1.74 

DT3 8.50 3.31 0.20 1.52 

DT4 11.25 4.38 0.26 1.50 

DT5 13.50 5.25 0.31 1.46 

DT6 15.50 6.03 0.36 1.39 

DT7 18.50 7.20 0.43 1.36 

DT8 20.50 7.97 0.48 1.61 

DT9 21.50 8.36 0.50 1.43 

DT10 22.25 8.65 0.52 1.18 
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Fig. 10. Comparison of predicted creep crack initiation trends with the experimental data and NSW predictions on 

DEN(T) geometry for a crack extension of (a) 0.2mm, and (b) 0.5mm 

  

4.5 M(T) specimen geometry 

The details of the loading conditions applied on the M(T) geometry are given in Table 6 

where, similar to the DEN(T) specimen geometry, a limited range of normalised 

reference stress is seen due to the numerical difficulties encountered with higher load 

simulations. The predicted CCI rends from FE simulations and NSW lines are presented 

in Fig. 11 and compared with the existing data on this specimen geometry. As seen in 

Fig. 11(a), the t0.2 CCI results obtained from FE PS simulations show long-term and 

short-term trends at C* values of below 1×10
-7

 MPam/h and above 1×10
-6

 MPam/h, 

respectively, with a transition behaviour at intermediate C* values. In the case of Δa = 

0.5mm, the transition trend obtained from FE PS simulations appear at the intermediate 

C* range of 3×10
-7

 < C* < 2×10
-6

 MPam/h. It can be seen in Fig. 11(a) and (b) that the 

experimental data points exist at the high C* regions where there is no FE CCI result 

available. However, if the FE PS and estimated PE predicted trends are extrapolated to 

higher C* region the majority of the existing data points will fall between these two 

trends. Note that although it appears in Fig. 11 that the FE results obtained from the 

highest load levels do not fall in the high C* region, it is evident that the short-term CCI 

trends have just started to appear in the obtained FE results. Fig. 11(a) and (b) show that 

in the low C* region there is an excellent agreement between the FE PS CCI trends and 
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the lower bound NSW PS line (calculated based on based on �̇�). However, in the high 

C* region the FE PS predictions fall in between the upper bound and lower bound NSW 

PS lines. Finally seen in Fig. 11(a) and (b) is that the existing experimental data points, 

which have been obtained from short-term high load tests, fall close to or in between the 

upper bound and lower bound NSW PS lines.   

  

Table 6. Loading cases applied on M(T) geometry 

ID P (kN) K(a0) (MPa√m) σref/σ0.2  t0.5/t0.2 

MT1 4.50 1.62 0.12 1.82 

MT2 5.50 1.98 0.15 1.68 

MT3 6.25 2.25 0.17 1.65 

MT4 8.00 2.88 0.22 1.63 

MT5 10.00 3.60 0.27 1.42 

MT6 12.50 4.50 0.34 1.61 

MT7 15.00 5.40 0.40 1.48 

MT8 17.50 6.30 0.47 1.60 

MT9 18.75 6.75 0.50 2.05 
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Fig. 11. Comparison of predicted creep crack initiation trends with the experimental data and NSW predictions on 

M(T) geometry for a crack extension of (a) 0.2mm, and (b)0.5mm 

4.6 SEN(T) specimen geometry 

The loading conditions examined on the SEN(T) geometry have been summarised in 

Table 7. It can be seen in this table that the loading conditions result in a wider 

normalised reference stress range compared to those examined on DEN(T) and M(T) 

specimen geometries. Fig. 12 shows the predictions obtained from FE PS simulations 

along with the estimated shifted PE trends and the NSW prediction lines, which have 

been compared with the experimental data. Similarly to the other geometries, long-term 

and short-term CCI trends, with a transition region in between, have been predicted for 

t0.2 and t0.5. For both Δa = 0.2mm and 0.5mm crack extension criteria, the CCI transition 

region has been predicted to take place in the 1×10
-7 < 

C* < 2×10
-6

 MPam/h region. As 

seen in Fig. 12 the limited short-term CCI data available on this specimen geometry fall 

upon or in between the FE PS  and estimated PE trends if they are extrapolated to the 

higher C* region. It can be observed in Fig. 12 that for 0.2mm and 0.5mm crack 

extension criteria, the long-term FE PS predictions are similar to those obtained from 

the lower bound NSW PS line (calculated based on �̇�), whereas the short-term PS 

predictions fall between the upper bound and lower bound NSW PS lines. Furthermore, 

it is evident in Fig. 12 that the short-term and long-term CCI estimates for PE 

conditions coincide with the upper bound NSW PE lines (i.e. calculated using �̇�0). 
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Table 7. Loading cases applied on SEN(T) geometry 

ID P (kN) K(a0) (MPa√m) σref/σ0.2  t0.5/t0.2 

ST1 4.38 4.25 0.16 1.90 

ST2 6.50 6.31 0.23 1.67 

ST3 8.75 8.49 0.31 1.56 

ST4 13.25 12.86 0.47 1.40 

ST5 17.50 16.99 0.62 1.38 

ST6 22.50 21.84 0.80 1.49 

ST7 23.75 23.05 0.84 1.59 

ST8 25.00 24.27 0.89 1.91 

ST9 26.00 25.24 0.92 2.45 

 

 

Fig. 12. Comparison of predicted creep crack initiation trends with the experimental data and NSW predictions on 

SEN(T) geometry for a crack extension of (a) 0.2mm, and (b) 0.5mm 
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4.7 Comparison of CCI predictions for different geometries 

The predicted CCI trends from the FE PS simulations for different specimen geometries 

presented in Fig. 8-12 are collated and compared in Fig. 13(a) and (b) for 0.2mm and 

0.5mm crack extensions, respectively. Also included in Fig. 13 are the estimated PE 

trends and existing experimental data on all specimen geometries. It can be observed in 

Fig. 13(a) and (b) that the majority of experimental data points are available at the high 

C* and within the experimental scatter no particular trend can be inferred for each of the 

specimen geometries examined. Note that the data scatter in t0.5, particularly for C(T) 

specimen with the largest number of test data, is higher than t0.2. The t0.2 and t0.5 FE 

prediction results show that similar CCI behaviour in the high, low and intermediate C* 

regions can be observed in all specimen geometries. It can be observed that the trends at 

the low and high C* regions are parallel to each other for all geometries, with the M(T) 

and CS(T) geometry showing the highest and the lowest CCI times, for a given values 

of C*. Further seen in this figure is that the CCI trends from other three geometries are 

found to lie in between those of predicted for M(T) and CS(T), with coincident SEN(T) 

and DEN(T) trends falling closer to the M(T). This order of change in CCI times from 

high to low, starting with M(T) with the highest CCI time followed by DEN(T), 

SEN(T), C(T) and CS(T), is consistent in the high, low and intermediate C* regions. 

Finally seen in Fig. 13(a) and (b) is that for the range of specimen geometries examined 

the transition from short-term to long-term CCI behaviour has been predicted to occur 

somewhat within the transition range of 1×10
-7 < 

C* < 2×10
-6

 MPam/h. 
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Fig. 13. Comparison of the predicted creep crack initiation trends on five specimen geometries 

5 Discussion 

The transition from short-term to long-term CCG behaviour has been experimentally 

observed in [6] and numerically predicted in [12], [22]. Although there are limited long-

term CCI data points available for 316H at 550 °C, according to Eqn (6) where crack 

initiation time and CCG rate are correlated using the C* parameter (assuming steady 

state creep conditions), a similar transition from short-term to long-term trends is also 

expected in the CCI behaviour of the material. The FE results have shown that by 

employing stress dependent creep properties in numerical simulations, the CCI 

behaviour of the material in the low (i.e. long-term), high (i.e. short-term) and 

intermediate C* regions can be successfully predicted. The FE prediction results 

suggest that if the short-term CCI trends are extrapolated to the very low C* region, the 

t0.2 and t0.5 CCI times may be overestimated by around an order of magnitude. Good 

agreements have been found between the FE CCI predictions and experimental results, 

where test data were available. The experimental data available in the literature for this 

material generally fall between the predicted FE PS and estimated PE estimated trends, 

for each of the specimen geometries examined. This suggests that the CCI behaviour of 

the material in the low and intermediate C* regions, where there currently are few data 

points available, may be predicted by FE simulations. Furthermore, comparison of the 

experimental data with FE predictions shows that the approach to estimate the PE trends 

by shifting down the FE PS trends by a factor of five may be considered reasonable to 

predict the lower bound CCI behaviour of 316H stainless steel at 550 °C.  
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The t0.2 and t0.5 CCI trends for a range of fracture specimen geometries have been 

predicted in this study. In FE simulations on each of the specimen geometries, the 

loading cases were chosen in such a way that the corresponding stress intensity factors, 

K(a0), in 2D plane stress simulations are comparable to those applied on test specimens 

in [11]. The FE results have shown that a similar switch over from short-term to long-

term CCI trend, with transition behaviour in between, has been observed in all five 

specimen geometries examined. For a given value of C*, higher CCI trends are 

predicted for the low constraint (hence lower CCG rates and higher CCI times) M(T) 

specimen and the lowest CCI trend is predicted to occur in the CS(T) specimen, whilst 

the CCI trends from the other three geometries fall in between those predicted for M(T) 

and CS(T). The low constraint DEN(T) and SEN(T) geometries show coincident t0.2 and 

t0.5 CCI trends, whereas the high constraint C(T) specimen geometry shows slightly 

lower CCI trends compared to SEN(T) and DEN(T). The high and low CCI trends on 

M(T) and C(T), respectively, are consistent with the numerical investigation in [17] 

where it has been shown that the order of the crack tip constraint level from high to low 

is C(T), SEN(B), SEN(T) and M(T). Additionally, the results are also consistent with 

the CCG FE predictions obtained in [22], [32] and experimental studies in [11], [23]–

[27], where the C(T) geometry showed the highest and M(T) the lowest CCG rates. 

Note that according to Eqn (6), higher CCG rates result in lower initiation time.  

The numerical investigation in [17] did not include the CS(T) specimen, which 

according to [10] is also a high constraint specimen geometry. Additionally, due to the 

limited experimental data on CS(T) in [11], no experimental CCG trend could be 

inferred for this specimen geometry. However, FE CCG predictions on P92 steel in [43] 

showed that the CS(T) specimen geometry has a higher constraint compared to C(T), 

which is consistent with the lower CCI predictions obtained in this work. The 

coincident trends of DEN(T) and SEN(T) geometries can be explained by the fact that 

both geometries are considered as low constraint [10], furthermore, the CCG predictions 

in [43] showed that the CCG rates of SEN(T) are slightly lower than DEN(T), which 

explains why the CCI trends fall close to or upon each other.  

The resulting ratio of the initiation time at 0.5mm to the initiation time at 0.2mm for all 

the geometries, listed in Tables 3-7 and presented in Fig. 14, indicates that the creep 
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ductility failure criterion and level of plasticity in a specimen can influence the t0.5/t0.2 

ratio. The predicted t0.5/t0.2 values in Tables 3-7 and Fig. 14 show that in long-term (low 

load) simulations this ratio generally decreases as the load level (hence normalised 

reference stress) increases; however, when the corresponding C* value falls upon the 

short-term CCI region, the t0.5/t0.2 ratio starts to increase. Fig. 14 shows, for the range 

fracture specimen geometries examined, that the t0.5/t0.2 ratio falls between 1.18 and 2.48 

with the lowest and highest predicted ratios obtained at the intermediate and high 

normalised reference stress values.  

 

Fig. 14. Comparison of the predicted creep crack initiation trends on five specimen geometries 

It can be seen in Fig. 8-Fig. 12 that for the range of specimen geometries examined, the 

predicted short-term and long-term t0.2 and t0.5 CCI trends obtained from FE PS 

simulations and PE estimates generally fall close to or in between the upper bound (i.e. 

calculated using �̇�0) and lower bound (i.e. calculated using �̇�) PS and PE NSW lines, 

respectively. This indicates that when appropriate short-term and long-term uniaxial 

creep properties are employed in NSW models, the prediction results will be very 

similar to those obtained from FE simulations. Although NSW lines seem to provide 

acceptable CCI predictions for the high and low C* regions, due to the dependency of 

this model on a constant creep ductility (see Eqn (14)), the NSW model fails to predict 

the transition from short-term to long-term CCI behaviour. However, by employing a 

stress dependent creep ductility model in FE simulations, the switch over from short-

term to long-term CCI trend, which is expected to occur within the intermediate C* 
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range of between 1×10
-7 < 

C* < 2×10
-6

 MPam/h, can be successfully predicted. It must 

be noted that NSW lines provide upper bound and lower bound CCG and CCI trends 

regardless of the specimen geometry on which the tests have been conducted. However, 

to account for the specimen constraint effects on the CCI behaviour of the material FE 

simulations need to be performed.  

The focus of this work has been to investigate the influence of in-plane constraint 

effects on the CCI behaviour of 316H at 550 °C for a range of fracture mechanics 

specimen geometries, by employing a stress dependent uniaxial creep model in FE 

simulations. The influence of out-of-plane constraint effects on the creep crack initiation 

behaviour in each of the fracture mechanics specimens geometries considered in this 

work is currently being examined by the authors using 3D FE simulations and the 

results will be presented in future publications. 

6 Conclusions 

The creep crack initiation behaviour of Type 316H stainless steel at 550 °C has been 

predicted for a range of specimen geometries using stress dependent uniaxial creep 

properties implemented in FE simulations. The predicted creep crack initiation times 

have been correlated with the C* fracture mechanics parameter. Short-term and long-

term crack initiation trends with a transition region in between have been predicted for 

each of the specimen geometries considered. The creep crack initiation trends obtained 

from FE simulations have been found in good agreement with existing experimental 

data and NSW prediction lines.  The FE results suggest that in addition to the stress 

state, which results in higher creep crack initiation times for plane stress conditions 

compared to the plane strain, the creep crack initiation behaviour of the material is 

sensitive to the specimen geometry and variations in the uniaxial creep properties from 

short-term to long-term tests. FE simulations have shown that the highest and lowest 

creep crack initiation trends were found in M(T) and CS(T) specimen geometry, 

respectively, with the predicted trends for other three geometries falling in between 

those of obtained from M(T) and CS(T). The FE simulation results have shown that for 

the range of specimen geometries and applied load level examined, the t0.5/t0.2 ratio falls 

between 1.18 and 2.48 and is highly dependent on the applied stress (hence normalised 
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reference stress) level. Furthermore, the creep crack initiation transition behaviour from 

short-term to long-term trends has been predicted to occur within the range of 1×10
-7 

<
 

C* < 2×10
-6

 MPam/h. 
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