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Abstract

This paper presents a creep-fatigue life assessment of a cruciform weldment made of the steel AISI type 316N(L) and subjected
to reversed bending and cyclic dwells at 550◦C using the Linear Matching Method (LMM) and considering different weld zones.
The design limits are estimated by the shakedown analysis using the LMM and elastic-perfectly-plastic material model. The creep-
fatigue analysis is implemented using the following material models: 1) Ramberg-Osgoodmodel for plastic strains under saturated
cyclic conditions; 2) power-law model in “time hardening” form for creep strains during primary creep stage. The number of cycles
to failure N? under creep-fatigue interaction is defined by: a) relation for cycles to fatigue failure N∗ dependent on numerical total
strain range ∆εtot for the fatigue damage ωf ; b) long-term strength relation for the time to creep rupture t∗ dependent on numerical
average stress σ̄ during dwell ∆t for the creep damage ωcr; c) non-linear creep-fatigue interaction diagram for the total damage.
Numerically estimated N? for different ∆t and ∆εtot shows good quantitative agreement with experiments. A parametric study of
different dwell times ∆t is used to formulate the functions for N? and residual life L? dependent on ∆t and normalised bending
moment M̃, and the corresponding contour plot intended for design applications is created.
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1. Introduction

Many engineering structures and components of power
plants and chemical facilities are subjected to cyclic loading
at high temperature. Welding is the most widely applicable
method among the actual manufacturing technologies for as-
sembling of compound structures for industrial applications.
Power plant components are usually manufactured of austenitic
steels, most often the stainless steel AISI type 316N(L). This
steel is widely used in power-generating industry since early
60s of 20th century due to good mechanical properties [1] in-
cluding allowable working temperatures to over 650◦C, low cy-
cle fatigue and creep resistivity, excellent long-term ductility
to over 100% depending on temperature, etc. [1]. According
to industrial experience long-term integrity of structures man-
ufactured of austenitic steels that operate at high temperatures
is usually limited by the performance of welded joints in criti-
cal locations. Thus, the assessment of the weld region, which
provides a particular difficulty under variable loading and high
temperature due to complexmicrostructure, has the priority im-
portance for structural design and life assessments. So there is
an urgent necessity to comprehensively study how the key oper-
ational parameters (such as intensity of varying applied loading
and duration of dwell period) may effect the long-term strength
of weldment. Based on these studies, analytical formulations
depending on key operational parameters within the practical
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range of service conditions may be produced for preliminary
life assessment of welded structures during the design stage.

This paper demonstrates the recent extension of the LMM to
include cyclic creep assessment [2] in application to a creep-
fatigue analysis of a cruciform weldment made of the stain-
less steel AISI type 316N(L). The obtained results are com-
pared with the results of experimental studies implemented by
Bretherton et al. [3, 4, 5] with the overall objective to identify
fatigue strength reduction factors (FSRF) of austenitic weld-
ments for further design application. These studies included a
series of strain-controlled tests at 550◦C with different combi-
nations of reversed bendingmoment and dwell time. Five levels
of reversed bending moment histories corresponding to defined
values of total strain range ∆εtot in remote parent material (1%,
0.6%, 0.4%, 0.3%, 0.25%) were used in combination with three
variants of creep-fatigue conditions: pure fatigue, 1 hour and 5
hours of dwell period of hold in tension.

Previous modelling studies devoted to analysis and simula-
tion of these experiments [3, 4, 5] include the following works.
Bretherton and Budden [4, 6] carried out the simplified crack
initiation assessments using the R5 Procedure and more accu-
rate cyclic elastic-plastic-creep Finite Element Analysis (FEA)
using a state variable constitutive model, resulting in rather con-
servative estimation of the specimen endurances. Ainsworth et
al. [7, 8] applied the revised R5 creep-fatigue crack initiation
procedure (updated with new guidelines and analysis features
for austenitic weldments), which resulted in less conservative
life estimations comparing to the prediction results obtained by
the French σd method. Bate et al. [9] investigated improve-
ments to the R5 Volume 2/3 AppendixA4 Procedures for the as-
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sessment of the fatigue and creep-fatigue life of austenitic weld-
ments taking into account geometric effects in as-welded and
dressed weld types, resulting in even less conservative estima-
tion of the specimen endurances. Finally, Ponter and Chen [10]
applied the Linear Matching Method (LMM) for the descrip-
tion of elastic, plastic and creep material behaviour to the nu-
merical assessments using the R5 standard creep/fatigue model
according to the methodology of the life assessment Procedure
R5 [11]. Those results [10] are good, except that the reduction
in fatigue life is underestimated, thus, providing the minimum
relative conservatism among the available modelling studies.
Comprehensive modelling of structural features with com-

plex microstructure and material behaviour such as weldments
under high-temperature and cyclic loading conditions can be
achieved by using of FEA with direct analysis methods, which
calculate the stabilised steady-state response of structures with
far less computational effort than full step-by-step analysis.
Most practically included among these methods are the Direct
Cyclic Analysis [12, 13] and the LMM framework [14, 15].
The LMM is distinguished from the other simplified meth-
ods by ensuring that both the equilibrium and compatibility
are satisfied at each stage [14, 15, 16, 17]. In addition to the
shakedown analysis method [16], the LMM has been extended
beyond the range of most other direct methods by including
the evaluation of ratchet limit [14, 15, 17] and steady-state
cyclic behaviour with creep-fatigue interaction [18]. The LMM
ABAQUS user subroutines [19] have been consolidated by the
R5 Procedure [11] research programme of EDF Energy to the
commercial standard, and are counted to be the method most
amenable to practical engineering applications involving com-
plicated thermo-mechanical load history [15, 17].
Recently [2] the LMM has been much improved both theo-

retically and numerically including more accurate predictions
of the stabilised cyclic response of a structure under creep con-
ditions, and more accurate assessments of the resulting cyclic
and residual stresses, creep strain, plastic strain range, ratchet
strain and the elastic follow-up factor. Those improvements
are validated through application of an extended LMM [2] to a
benchmark problem of a Bree cylinder [20] subjected to cyclic
thermal load and constant mechanical load and confirmed by
the comparison of numerical results with existing analytic solu-
tions. In addition, the applicability of this extended LMM [2] to
more general engineering problems is verified by creep-fatigue
analysis and damage assessment of a holed plate subjected to
cyclic thermal loads and a constant uniaxial tension.
In fact, the analyses presented in this paper revisit previ-

ous LMM assessments [10] of the same experimental stud-
ies [3, 4, 5] using the method outlined in [2], more accurate
modelling of the specimen structure and the material behaviour
of its regions including LCF endurance, creep and long-term
strength properties. In contrast to [10], creep damage is as-
sessed using time fraction rule instead of ductility exhaustion,
which provides over-conservatism in combination with time-
hardening creep law. The non-linear creep-fatigue interaction
diagram instead of linear is also found to be more suitable for
the assessment of critical creep-fatigue damage at fracture.
The main objective of work is to formulate a creep-fatigue
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Figure 1: Dimensions of the cruciform weld specimens and applied loading
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Figure 2: Parameters of the finite element mesh with designation of different
materials, boundary conditions and mechanical loading

analysis technique using recent improvements of LMM [2]. So
that a more accurate prediction of the experimental data [3, 4, 5]
with less conservatism can be made compared with previous
analyses, particularly with [10].

2. Structural model

The geometry of the weldment specimen, shown schemat-
ically in Fig. 1, is reconstructed from [3] based on the given
sketches of the cruciform weldment specimen and the Manual
Metal Arc (MMA) welding procedure. A continuous plate of
width 200 mm and length of 1.8 m is divided, at its centre, into
two parts, each of which is welded to the surface of a third plate
of length 100 mm. Thus, a cruciform specimen consists of 4
identical welds transverse to the principal plate direction and
symmetrically placed relative to the middle planes. The gen-
eral approach to the description of a typical weld subdivides
the material into three regions: the parent material, assumed to
be uniform away from the weld; the weld metal, deposited ma-
terial during multi-pass welding process; and the heat-affected
zone (HAZ), a thin layer between the weld and parent mate-
rial. It should be noticed that the thickness of HAZ of 3 mm
is estimated based on available micrographs of similar cruci-
form weldments microstructure with indistinct boundaries be-
tween weld regions. The welding process used AISI 316N(L)
as a filler material, and so the the joint is made from this ma-
terial throughout. Despite this, these regions are expected to
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Figure 3: Assumed schematic loading history for the bending moment M in:
a) fully-reversed pure fatigue tests; b) fully-reversed creep-fatigue tests with
dwells Λt in tension; c) non-symmetric pure fatigue tests

have different mechanical properties including elasticity, plas-
ticity, fatigue and creep, caused by microstructural transforma-
tions during the multi-pass welding process. The experimental
data corresponding to mechanical properties of different weld
regions are described by the conventional models, and appro-
priate material constants at 550◦C used for LMM are discussed
in the next section.
The FE-mesh for a 2D symmetric model of the cruciform

specimen is shown in Fig. 2 assuming a plane strain conditions
since the specimen width (200 mm) is almost by an order of
magnitude greater than the specimen thickness (26mm) accord-
ing to Fig. 1. The FE-mesh includes 5 separate areas with dif-
ferent material properties: 1) parent material, 2) HAZ, 3) weld
metal, 4) material without creep, 5) totally elastic material. In-
troduction of 2 additionalmaterial types (material without creep
and totally elastic material) representing reduced sets of parent
material properties in the location of bending moment appli-
cation avoids excessive stress concentrations in ratcheting and
creep analysis. The FE-model consists of 977 finite elements
of type CPE8R: 8-node biquadratic plane strain quadrilaterals
with reduced integration.
Referring to the technical details [3, 4, 5, 6] the testing was

performed at 550±3◦C under fully-reversed 4-point bending
with total strain ranges ∆εtot of 0.25, 0.3, 0.4, 0.6 or 1.0% and
hold periods ∆t of 0, 1 or 5 hours using a strain rate of 0.03%/s.
Controlling of central specimen displacement was subsequently
used to keep ∆εtot = const at maximum deflection during a pe-
riod on the outer fiber of parent plate material remote fromweld
and HAZ regions. For the purpose of shakedown and creep
analysis using LMM, the conversion from strain-controlled test
conditions to force-controlled loading in simulations has been

carried out. Although the gradual increase of applied load-
ing during the initial cycles [4] demonstrate significant cyclic
hardening effects of the specimen material behaviour, which is
typical for the steel AISI type 316N(L), such a simplification
is valid considering that saturated cyclic structural response is
dominant during the whole duration of tests.
Therefore, in numerical simulations the arms of the specimen

are subjected to 3 variants of bending moment history illus-
trated schematically in Fig. 3. Pure fatigue analysis assumes a
rapid reversal of bendingmoment of magnitude∆Mvar as shown
in Fig. 3a. Creep-fatigue analysis assumes a rapid reversal of
bending moment of magnitude ∆Mvar separated by dwell pe-
riods of duration ∆t when the moment is maintained constant
at M̄ = ∆Mvar/2 as shown in Fig. 3b. Shakedown analysis as-
sumes compound bending moment consisting of variable com-
ponent of magnitude ∆Mvar and constant shift of value Mconst,
hereby forming a load space as shown in Fig. 3c.
Another effective analysis technique comprises application

of bending moment through the linear distribution of normal
pressure P over the section of plate as shown in Fig. 2 with the
area moment of inertia in regard to horizontal axis X:

IX = a · b3/ 12, (1)

where the width of plate a = 200 mm and the thickness of plate
b = 26 mm. Hereby, the normal pressure is expressed in terms
of applied bendingmomentM and vertical coordinate y of plate
section assuming the coordinate origin in the mid-surface:

P(y) = M · y / IX . (2)

3. Material models and constants

Mechanical properties of the materials composing cruciform
weldment manufactured of the steel AISI type 316N(L) in-
clude the following material behaviour models and correspond-
ing constants at 550◦C:

• Elastic-perfectly-plastic (EPP) model for the design limits
as result of shakedown analysis;

• Ramberg-Osgood (R-O) model for the plastic and total
strains under saturated cyclic conditions;

• S–N diagrams for the number of cycles to failure caused
by pure low-cycle fatigue (LCF);

• Power-law model in “time hardening” form for creep
strains during primary creep stage;

• Reverse power-law relation for the time to creep rupture
caused by creep relaxation during dwells;

• Non-linear diagrams for creep-fatigue damage interaction
for the estimation of total damage.
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Table 1: Material parameters for the steel AISI type 316N(L) corresponding to
elastic and saturated cyclic plasticity properties at 550◦C, after [3]

Zone E (MPa) B (MPa) β σy (MPa)
Parent 160000 1741.96 0.29960 270.662
Weld 122000 578.99 0.10162 307.894
HAZ 154000 1632.31 0.25304 338.731

3.1. Cyclic plasticity

The cyclic stress-strain properties of the steel AISI type
316N(L) parent material and associated weld and HAZ met-
als have been determined in a separate programme of uniaxial
materials tests [3]. These data are presented in terms of the
conventional Ramberg-Osgood equation to describe the non-
linear relationship between stress and strain in materials near
their yield points. It is especially useful for metals that harden
with plastic deformation, showing a smooth elastic-plastic tran-
sition, such as the steel AISI type 316N(L) at high temperatures.
The equation for the cyclic stress-strain curve implemented in
LMM code for the creep-fatigue analysis is following

∆εtot

2
=
∆σ

2 Ē
+

(

∆σ

2 B

)1/β

, (3)

where ∆εtot is the total strain range; ∆σ is the total stress range
in MPa; B and β are material constants; Ē is the effective elastic
modulus in MPa defined as

Ē =
3 E

2 (1 + ν)
, (4)

where the Young’s modulus E in MPa and the Poisson’s ratio ν
are the elastic properties used in both R-O and EPP models.
The material constants for the parent, weld and HAZ mate-

rials at 550◦C presented in [3] corresponding to the saturated
cyclic behaviour are reported in Table 1. The Poisson’s ratio
at 550◦C for all materials is assumed to be ν = 0.3. The yield
stress σy, taken as the stress corresponding to 0.2% of plastic
strain defined by Eq. (3) for saturated cyclic stress-strain curve,
is implemented in LMM code for the shakedown analysis.

3.2. Low-cycle fatigue

The dependence of total strain range ∆εtot in % on the num-
ber of cycles to LCF failure N∗ is usually defined by a quadratic
polynomial function (e.g. see [9]) to remove the small amount
of scatter in results on S–N diagram as follows

log (∆εtot) = m0 + m1 log (N∗) + m2 log (N∗)2 , (5)

where m0, m1 and m2 are the coefficients of polynomial (5) de-
fined by fitting the experimental data. The reverse relation for
Eq. (5) is more interesting for practical application and obtained
as the root of square equation as follows [9]

log (N∗) =
−m1 −

√

m2
1 − 4m2

[

m0 − log (∆εtot)
]

2m2
. (6)

Table 2: Polynomial coefficients of Eqs (5) and (7) for R66 endurance curves
[9] of the steel AISI type 316N(L) corresponding to LCF properties at 550◦C

Quadratic Cubic
Parent Weld Parent Weld

m0 1.73339 1.85169 2.40906 1.93432
m1 -0.72959 -0.76094 -1.25128 -0.82500
m2 0.06170 0.05951 0.19399 0.07585
m3 -0.01102 -0.00137

More accurate representation of S–N diagram is provided by
the cubic polynomial function in the following form

log (∆εtot) = m0 + m1 log (N∗) + m2 log (N∗)2 +
+m3 log (N∗)3 ,

(7)

where m0, m1, m2 and m3 are the coefficients of polynomial (7)
defined by fitting the experimental data. Finding the root of the
corresponding to Eq. (7) cubic equation to define N∗ is more
complicated and achieved in several steps as follows

log (N∗) = C1 +C2 −
m2

3m3
,

C1 =

(

√

C3 −
C5

2

)1/3
, C2 =

(

−
√

C3 −
C5

2

)1/3
,

C3 =

(C5

2

)2
+

(C4

3

)3
, C4 = −

1
3

(

m2

m3

)2

+
m1

m3
,

C5 =
2
27

(

m2

m3

)3

−
m2m1

3m2
3
+
m0 − log (∆εtot)

m3
.

(8)

R66 endurance curves for parent and weld material of the
steel AISI type 316N(L) at 550◦C reported in [9] are fitted by
the both polynomial functions (5) and (7) in order to define the
corresponding polynomial coefficients listed in Table 2 for em-
ployment in creep-fatigue analysis.

3.3. Creep strain and rupture
The most convenient and simple relation to describe primary

creep strain among all the available creep models [21] is the
conventional “time hardening” form of power-law model or the
Norton-Bailey equation in uniaxial form:

ε̇cr = A σn tm. (9)

Integrating Eq. (9) gives the relation for creep strain:

εcr = [A/(m + 1)] σn tm+1, (10)

where εcr is the creep strain, σ is the applied stress in MPa, t is
the time in hours, A, n and m are the creep material constants
identified by fitting Eq. (10) to the primary stage of experimen-
tal creep curves. The available creep strain data for the steel
AISI type 316N(L) at 550◦C have been determined in a sepa-
rate programme of uniaxial materials tests and reported in [3]
in the form of creep curves at several stress levels:

• parent material at 390, 349, 310 and 285 MPa;

• associated MMA weld metal at 270, 250 and 215 MPa.
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Table 3: Creep constants for the steel AISI type 316N(L) at 550◦C identified
using experimental data for creep strain rupture of weldments [3, 22]

Primary creep strain Creep rupture
Zone A

(

MPa−n
hm+1

)

n m B (MPak h) k
Parent 6.604E-19 5.769 -0.55 2.172E+26 8.927
Weld 6.597E-23 7.596 -0.5 5.993E+29 10.61
HAZ 6.600E-21 6.683 -0.525 1.291E+28 9.768

It should be noted that experimental creep strains accumu-
lated during primary stage corresponding to different stress lev-
els are fitted by employing the least squares method to define
constants A and n and by estimation of average value of con-
stant m. No creep curves are available for the HAZ, therefore
the required creep constants are identified either by simple av-
eraging of constants (n, m) for parent material and MMA weld
metal or by logarithmic averaging, where there are orders of
magnitude separating the values of constants (A). Values of
constants used with LMM are listed in Table 3.
The next critical parameter after accumulated creep strain εcr

is time to creep rupture t∗, which is also dependent on stress σ
and conventionally described by the reverse power-law:

t∗ = B σ−k, (11)

where B and k are the creep material constants identified by
fitting Eq. (11) to the experimental creep rupture data using
the least squares method. Constants for the parent material are
identified using 4 experimental values from [3]. Since the 3 ex-
perimental values for the MMAweld metal given in [3] may not
be sufficient for accurate determination of the constants, the ex-
perimental data in [22] are employed for weld metal constants.
Constants for the HAZ are identified by averaging parent and
weld properties in the same way as for the creep constants. Val-
ues of constants used in creep-damage assessment are listed in
Table 3.

4. Structural integrity assessments

4.1. Design limits analysis
The limit load, shakedown limit and ratchet limit were eval-

uated with an elastic-perfectly-plastic (EPP) model and a von
Mises yield condition using material properties corresponding
to saturated cyclic plasticity response (E, σy and ν) reported
in Table 1. Referring to Sect. 2 the history of bending mo-
ment for shakedown analysis is assumed as M = Mconst ± M̄
where M̄ = ∆Mvar/2 as shown in Fig. 3c. The sequence of
shakedown FE-analyses was carried out using the variant of
LMM [16, 17] capable of upper and lower ratchet limit iden-
tification. The resultant boundaries are shown in the Bree inter-
action diagram in Fig. 4, in coordinate space of [Mconst/Mlim]
and [∆Mvar/∆Msh], where Mlim and ∆Msh denote the limit mo-
ment and shakedown limit respectively. The values of Mlim and
∆Msh are identified using standard inelastic FE-analysis with
EPP material model for the conditions of structural collapse
and yield initiation respectively: Mlim = 10559430 (Nmm)
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Figure 4: The Bree interaction diagram for cruciform weldment subjected to
cyclic reverse bending moment ∆Mvar and constant bending moment Mconst

and ∆Msh = 13614160 (Nmm). The normalised moment is
defined as the relation of variable moment range to shakedown
limit: M̃ = ∆Mvar/∆Msh. Therefore, the maximum normalised
moment defined as the relation of limit moment range ∆Mlim
to ∆Msh has the following value: M̃max = ∆Mlim/∆Msh =

1.55124. The Bree diagram in Fig. 4 is divided into four re-
gions: elastic behaviour, shakedown, alternating plasticity, and
ratcheting.
In the specific case of a cruciform weldment specimen under

pure bending moment and constant temperature the analytical
ratchet bound is described by the straight-line equation:

[∆Mvar/∆Msh] = −M̃max [Mconst/Mlim] + M̃max, (12)

which is confirmed by the numerical upper and lower ratchet
bounds identified by LMM as observed in Fig. 4.
Thus, the analytical elastic bound has the similar form:

[∆Mvar/∆Msh] = −0.5 [Mconst/Mlim] + 0.5. (13)

Hereby, for the specific case of cruciform weldment speci-
men under fully-reversed bendingmoment the estimated design
limits for allowable loading ∆Mvar are from ∆Mmin = 0.5 ∆Msh
to ∆Mmax = 1.55124 ∆Msh.

4.2. Creep-fatigue evaluation procedure
The basic routine of the proposed evaluation procedure for

creep-fatigue damage assessment of cruciform weldments is
the same as of the PNC time fraction procedure developed by
the Power Reactor and Nuclear Fuel Development Corpora-
tion (Ibaraki, Japan). The PNC procedure using the time frac-
tion rule to evaluate creep damage was initially developed for
austenitic stainless steels (type 304 and 316FR) giving good
creep-fatigue life estimation [23]. This method has also been
shown to be applicable to other temperature-resistant steels
to describe various material behaviour effects. In addition to
cyclic strain hardening [23] in austenitic steels, they also in-
clude cyclic strain softening [24] in martensitic steels such as
modified 9Cr-1Mo steel, both hardening and softening in dif-
ferent weldment zones [25] in type 304 SS butt welded joints,
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environmental effects such as oxidation, elastic follow-up, etc.
Therefore, the PNC procedure has been accepted for design ap-
plications, e.g. LMFBR structural components, and became a
basis for Monju Structural Design Guide.
There are two key differences between the PNC procedure

and the proposed procedure – the former one is based on elas-
tic analysis and operates with the secondary creep model while
the latter one is based on inelastic analysis using LMM and
operates with the primary creep model. An inelastic analy-
sis using LMM and considering both cyclic plasticity (3) and
transient creep effects enables automatic estimation of the elas-
tic follow-up factor in critical locations. Employment of pri-
mary creep model in “time-hardening” form (9) instead of sec-
ondary creep model is motivated by significant hardening ef-
fects in all weldment materials of the steel AISI type 316N(L).
Moreover, Eq. (9) provides slightly conservative solution of the
creep-relaxation problem in terms of estimated creep strain and
stress reduction compared to primary “strain-hardening” and
secondary power-law models. Therefore, the benefit of the pro-
posed evaluation procedure compared to the PNC procedure is
that it is expected to provide more accurate saturated cyclic re-
sponse of the structure under creep-fatigue conditions.
The general concept of the proposed creep-fatigue evaluation

procedure considering time fraction rule for creep-damage as-
sessment is illustrated on Fig. 5 and consists of 5 steps:

1. Estimation of saturated hysteresis loop using LMM;
2. Estimation of fatigue damage using S-N diagram;
3. Assessment of stress relaxation with elastic follow-up;
4. Estimation of creep damage using creep rupture curve;
5. Estimation of total damage using interaction diagram.

Step 1: Saturated hysteresis loop. This step involves inelas-
tic FEA using LMM in CAE-system ABAQUS incorporating
FORTRAN user material subroutine UMAT. This subroutine
includes implementation of Ramberg-Osgood cyclic plasticity
model (3) and primary creep model in “time-hardening” form
(9) with material constants from Tables 1 and 3 respectively.
For detailed description of numerical procedure for the creep
strain and flow stress estimation in the LMM code refer to
[2], for a general guide to the LMM implementation using the
ABAQUS user subroutines refer to [19]. The modification of
the original LMM code [2] implemented in the given research
comprises the conversion fromEPPmodel to R-Omodel, which
provides more reasonable stress response for the total strain
ranges ∆εtot in cruciform weldment testing [3, 4, 5]. For this
specific case, the schematic creep-fatigue hysteresis loop with
dwell at tensile cycle peak is shown in Fig. 5. The FEA out-
puts the results of saturated cyclic structural response in terms
of effective strains and effective von Mises stresses for 3 load
instances: 1) end of direct loading, 2) end of dwell period, 3)
end of reverse loading. For example, the following parame-
ters of the saturated hysteresis loop are defined: plastic and
elastic strains at direct and reverse loading (εel1 , ε

pl
1 , ε

el
3 , ε

pl
3 );

creep strain εcr accumulated during dwell ∆t; ratchet strain ac-
cumulated over cycle εrat; total strain range over cycle ∆εtot;
cyclic stresses (comprising elastic, constant and varying resid-

Table 4: The values of normalised moment M̃ corresponding to the values of
total strain range ∆εtot from experiments [3, 4, 5] defined by LMM

∆εtot, % 1.0 0.6 0.4 0.3 0.25
M̃ 1.4705 1.1538 0.9255 0.7774 0.691

ual stresses) at each load instance (σ1, σ2, σ3); drop of stress
∆σcr during dwell ∆t; and elastic follow-up factor Z:

Z = Ē εcr/∆σcr, (14)

where the effective elastic modulus Ē is defined by Eq. (4).
Among all these output parameters the most important for

further creep-fatigue evaluation are total strain range ∆εtot,
stress σ1 in the beginning of dwell period and elastic follow-up
factor Z. It should be noted that the LMM could be also ap-
plied to complex loading histories exceeding more then 3 load
instances, refer to e.g. [16].
The values of normalised moment M̃ corresponding to the

values of total strain range ∆εtot from experiments [3, 4, 5] de-
fined by LMM are reported in Table 4 and shown as circles in
Fig. 4 and lie within both the alternating plasticity and shake-
down regions. This fact shows that the experiments capture
comprehensively the critical area of cyclic structural response
relevant to engineering analysis of structural integrity.
Step 2: Fatigue damage. This step is based upon the total

strain range (∆εtot) values identified in Step 1 and square (5) or
cubic (7) polynomial functions for S–N diagrams characterising
LCF properties in Sect. 3.2. Thus, the number of cycles to pure
fatigue failure N∗ corresponding to particular value of ∆εtot in
critical location is defined either by Eq. (6) or by Eq. (8) with
polynomial coefficients in Table 2 for R66 fatigue endurance
curves [9] of the steel AISI type 316N(L). Therefore, the fatigue
damage accumulated per 1 cycle is

ωf1c = 1/N
∗(∆εtot). (15)

Step 3: Stress relaxation. This step is based upon the relax-
ation problem with elastic follow-up generally formulated as

dεcr

dt
+
Z
Ē
dσ
dt
= 0, (16)

which has the following analytical solution for stress function
in case of “time-hardening” form (9) of the creep model ε̇cr:

σ (t, Z, σ1) =
[

σ1
1−n −

tm+1Ē A (1 − n)
Z (m + 1)

]1/(1−n)

, (17)

and creep strain accumulated during relaxation is

εcr = [σ1 − σ (t, Z, σ1)] Z / Ē, (18)

where the values of elastic follow-up factor Z and stress σ1 in
the beginning of dwell period ∆t are taken from Step 1; and A,
n and m are creep material constants for Eq. (9) from Table 3.
The main purpose of such reconstruction of stress relaxation

behaviour is the estimation of the average stress σ̄ over the
dwell period ∆t. It would not be correct to define σ̄ by sim-
ple averaging of σ1 and σ2, because the function (17) is highly
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Figure 5: The general concept of creep-fatigue evaluation procedure considering time fraction rule for creep-damage assessment

non-linear for long-term dwells ∆t. Therefore, σ̄ is defined
as a mean value of the integrable function σ (t, Z, σ1) on some
closed interval t ∈ [0...∆t]. Since, the function (17) is not inte-
grable analytically, this integral is estimated numerically:

σ̄ (∆t, σ1, Z) =
1
∆t

∫ ∆t

0
σ (t, σ1, Z) dt. (19)

Step 4: Creep damage. This step is based upon the average
stress σ̄ values identified in Step 3 and creep rupture curves
described by the reverse power-law (11) characterising creep
properties in Sect. 3.3. Thus, the time to pure creep rupture
t∗ corresponding to a particular value of σ̄ in critical locations
is defined by Eq. (11) with creep constants B and k from Ta-
ble 3 based on experimental data [3, 22] for the steel AISI type
316N(L). Therefore, the creep damage accumulated per 1 cycle
considering time fraction rule is
ωcr1c = ∆t / t

∗(σ̄). (20)
It should be noted that the proposed procedure as well as the

PNC procedure [23, 24, 25] implements linear damage summa-
tion and time fraction rules for the creep damage assessment
in contrast to the R5 Procedure [11], which is based on creep
ductility exhaustion rule:
ωcr1c = ε

cr / ε∗, (21)
where εcr is creep strain accumulated during dwell period ∆t,
and ε∗ is creep strain at rupture or creep ductility, which can be
considered as stress-dependent.

Referring to [26] an employment of ductility exhaustion rule
(21) without excessive conservatism in the predictions requires
non-linear damage summation assuming variation of damage
with cycles. Such an approach is not implementable in the
LMM which, as any direct analysis method, is able to out-
put only parameters of the saturated cyclic structural response.
Thus, the time fraction rule is employed in the proposed pro-
cedure, because it is less sensitive to the simplification of the
nature of non-linear damage summation to linear.
Step 5: Creep-fatigue interaction. This step is based upon

the values of fatigue damage ωf = N?ωf1c and creep damage
ωcr = N?ωcr1c accumulated during the whole service period of
the structure until crack initiation, which is characterised by
the total number of cycles N? under creep-fatigue interaction
conditions. The components of damage per cycle (ωf1c and ω

cr
1c)

are taken from Step 2 and Step 4 respectively. The key output of
evaluation procedure N? is usually defined assuming a key idea
of CDM that the sum of the damage parameters can’t exceed 1:

ωf + ωcr ≤ 1, (22)

employing the damage interaction diagrams [27], where fatigue
and creep components of damage are plotted on separate axes.
Themost commonly used damage interaction diagrams (such

as those in ASME N47 and RCC-MR procedures) have a bi-
linear damage locus, where ωcr = 0→ ωf = 1, ωcr = 1→ ωf =
0 and ωf + ωcr < 1 for the rest of locations. The coordinates of
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Figure 6: Creep-fatigue damage interaction diagrams and results of LMM

intersection (c, f ) of the two lines is given by [27]:

ωf = 1 − [ωcr(1 − f )/c] for ωcr < c,
ωf = f (1 − ωcr)/(1 − c) otherwise, (23)

where the coordinates (c, f ) have unique values for differ-
ent types of steels [27], e.g. (0.02, 0.1) for Mod. 9Cr-1Mo,
(0.14, 0.12) for 2.25Cr1Mo and Alloy 800H, and (0.3, 0.3) for
type 316N(L) as shown in Fig. 6. Therefore, N? is evaluated as

N? = (ωf1c + [ω
cr
1c(1 − f )/c])

−1 for ωcr1c > ω
f
1c,

N? = ([ωf1c(1 − c) + ω
cr
1c]/ f )

−1 otherwise.
(24)

For ease in calculation in [27], the discontinuous function
(23) is replaced with the following power-law approximation:

ωucr + ω
u
f = 1, (25)

where the exponent u can also have different values. If u = 1
then the linear diagram is obtained, which is employed in the R5
Procedure [11] and most suitable for damage assessment with
the ductility exhaustion rule (21). If u = 0.58 then the damage
locus crosses the point (0.3, 0.3), what corresponds to the fitting
of ASME and RCC-MR bi-linear diagram as shown in Fig. 6.
If u = 0.5 then referring to [29], a conservative damage locus
is obtained, which agrees better with experimental data for the
steel type 316N(L) and recommended for practical applications.
The solution for the power-law approximation (25) is

N? =
(

[ωcr1c]
u + [ωf1c]

u
)−1/u

. (26)

If both “creep-fatigue” and “fatigue-creep” damage interac-
tions are assumed to occur, a novel approach to construct the
damage diagram was proposed in [27] based on “geometrical
arguments” with the following equation:

ωf

1 − ωcr
+
ωcr

1 − ωf
= 1, (27)

which provides a very reasonable approximation to the ASME
bi-linear diagram with intersection of (0.3, 0.3) as shown in

Fig. 6. However for the case of ωcr = ωf it gives (0.33, 0.33).
The parameter N? is found by solving the quadratic equation:

a N?2 − b N? + 1 = 0, (28)

where the root is

N? =
(

−b −
√
b2 − 4ac

)

/ 2a with
a = [ωcr1c]

2 + [ωf1c]
2 + ωcr1c ω

f
1c, b = 2ωcr1c + 2ω

f
1c.

(29)

A relatively conservative approach for analysis of damage
interaction was proposed by AEA Technology (now, Serco As-
surance) in the form of L-shaped diagram [28] consisting of
2 orthogonal lines with intersection of (0.1, 0.1) as shown in
Fig. 6. It is based on the results of creep-fatigue endurance
tests covering a range of conditions and assumes

if ωcr ≤ 0.1, then ωf ∈ [0...1] , else ωf ≤ 0.1., (30)

where the solution can be obtained in following form

N? = min
(

0.1/ωcr1c; 1/ω
f
1c

)

for ωcr1c < ω
f
1c,

N? = min
(

1/ωcr1c; 0.1/ω
f
1c

)

otherwise.
(31)

The particular choice of the damage diagram for the practical
application in the proposed procedure is achieved by the com-
parison of N? produced by each of the available loci presented
by Eqs (23,25,27) and (30) with experimental data [3, 4, 5].

5. Validation and handling of results

5.1. Validation against experiments
The experimental studies of cruciform weldment [3, 4, 5]

have been simulated employing the FEA with the LMM based
upon FE-model and loading conditions described in Sect. 2 and
the material models described in Sect. 3. The outputs of the
LMM have been processed by the proposed creep-fatigue eval-
uation procedure described in Sect. 4.2.
The initial validation of the proposed approach has been im-

plemented for the parent material behaviour owing to the avail-
ability of experimental data [3] for fully-reversed bending of
a single plate with total strain ranges ∆εtot of 0.55, 0.7, and
1.0% and hold period ∆t of 1 hour at 550◦C. The FEA has
been performed for the 3 variants of normalised moment M̃ of
1.1024, 1.2463 and 1.4705 respectively and the same FE-model
of cruciform weldment (Sect. 2) considering the measurement
of LMM output results on the outer fiber of parent plate material
remote from weld and HAZ regions. The creep-fatigue evalu-
ation has been implemented operating with material properties
for parent material only including R66 parent LCF endurance
curve [9], creep rupture curve [3] and Eq. (25) for damage inter-
action with exponent u = 0.5. Although this damage diagram
(25) describes the most conservative locus compared to other
concepts (23,27,30) as shown in Fig. 6, it was found the most
suitable among others since the number of cycles to failure N?
provided by its solution (26) shows good agreement with the
experimental values as shown in Fig. 7. The location of resul-
tant damage values in Fig. 6 for the single plate indicates that
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Figure 7: Results of creep-fatigue evaluation procedure in application to single
plate and comparison with experimental data [3]

service conditions with ∆t = 1 hour shows that fatigue damage
is dominant.
Since the proposed approach has proved its applicability in

case of a single plate made of parent material, it has been
applied to the assessment of a cruciform weldment consider-
ing different properties for the parent material, weld metal and
HAZ. The 5 variants of normalised moment M̃ used in the
FEA and their correspondence to ∆εtot in tests are listed in Ta-
ble 4. The complete summary of experimental and correspond-
ing simulation conditions as well as outputs in the form of num-
ber of cycles to failure N? and location of failure is reported
in Table 5. It should be noted that in contrast to the case of
the single plate, Eq. (27) considering both “creep-fatigue” and
“fatigue-creep” damage interactions proposed in [27] has been
applied in the evaluation procedure. This damage diagram (25)
describes the moderate locus providing a reasonable approxi-
mation to the ASME N47 and RCC-MR bi-linear diagram as
shown in Fig. 6. It was found the most suitable compared to
other concepts (23,27,30) since the number of cycles to failure
N? provided by corresponding solution (29) almost perfectly
matches the experimental values as illustrated in Fig. 8. The lo-
cation of resultant damage values in Fig. 6 for cruciform weld-
ment indicates that service conditions with ∆t = 1 hour show
that fatigue damage is dominant, whereas when ∆t is increased
to 5 hours creep damage becomes dominant.
Visual comparison of the observed and predicted N? in Fig. 8

for 3 variants of ∆t shows that 9 of the 11 simulations accu-
rately predict the experimental results. From Table 5, however,
it can be seen that the FEA simulations could not consistently
predict the failure location. The LMM-based approach predicts
failure in the weld toe for all experimental cases, whereas the
experiments [5] observed crack initiation in 4 different loca-
tions: (U) – specimen failed at the undercut close to the weld
toe in the parent plate; (T) – specimen failed at the weld toe
with crack propagating through the HAZ; (P) – specimen failed
in parent plate remote from weld; (W) – specimen failed in
weld metal. Nevertheless, referring to [30] the creep-fatigue
cracking in welded components of British Energy’s Advanced

Gas Cooled Reactors made of the steel AISI type 316N(L) is
generally observed at the weld toe with the crack propagating
through the HAZ, which agrees with the predictions obtained
by the proposed approach, see Table 5.
A typical example of the location of critical damage accu-

mulation corresponding to ∆εtot = 1% on the outer fiber of
the plate and ∆t = 5 hours of dwell period is illustrated in
Fig. 9. It shows the outputs of the Step 1 of the proposed creep-
fatigue evaluation procedure described in Sect. 4.2 assuming
estimation of the saturated hysteresis loop in a 3 load instance
cycle using LMM. The distribution of total strain range ∆εtot
with maximum value ∆εmaxtot = 1.44% at the critical location
is shown in Fig. 9a. The distribution of equivalent creep strain
εcr at load instance 2 with maximum value εcrmax = 1.92156E-
3 at the critical location is shown in Fig. 9b. The distribution
of equivalent von Mises stress σeqvM at the beginning of dwell
at load instance 1 with maximum value σeq1 = 330.88MPa at
the critical location is shown in Fig. 9c. The distribution of
equivalent von Mises stress σeqvM at the end of dwell at load in-
stance 2 with maximum value σeq2 = 275.786MPa at the criti-
cal location is shown in Fig. 9d. Finally, the measured value
of elastic follow up factor, Z = 4.9, at the critical location
agrees exactly with the analytical solution (17) for the stress
σ
eq
2 = 275.786MPa at the end of dwell period ∆t = 5 hours. It

should be noted that all the above mentioned LMM results in
the critical location have been measured at the same finite ele-
ment and integration point using ABAQUS probe tool. There-
fore, the maximum values measured at the integration point are
slightly different from the maximum values on contour plot leg-
ends in Fig. 9 obtained by averaging of node results.

5.2. Analytic assessment model

Since the proposed approach has been successfully validated
against experimental data (see Fig. 8) in Sect. 5.1, it can used
for the formulation of an analytic assessment model suitable
for the fast estimation of N? for a variety of loading condi-
tions. The low computational effort required by the LMM com-
pared to other computational approaches makes it possible and
relatively easy to extrapolate numerical predictions for loading
conditions not captured by the available experimental studies
[3, 4, 5]. This extrapolation comprises the extension of the
dwell period ∆t duration up to 10000 hours, which is relevant
to examples of practical industrial application of welded struc-
tures reported in [30]. A number of additional FE-simulations
with LMM and sequent N? estimations beyond the experimen-
tal loading conditions has been carried out, and their results
are reported in Table 6. The set of normalised moment val-
ues has been taken the same as in the experimental studies
[3, 4, 5], because it captures a large enough range of design
limits M̃ ∈ [0.5...1.5512], refer to Sect. 4.1.
The array of assessment results reported in Table 6 has been

fitted using using the least squares method by the following
function for the number of cycles to failure N? dependent on
arguments M̃ and ∆t and formulated in the form of power-law:

log
(

N?
)

= a (∆t) M̃−b(∆t), (32)
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Table 5: Comparison of LMM results for cruciform weldment with experimental data for pure fatigue and creep-fatigue tests [3, 4, 5]

∆εtot
%

∆t = 0 hours ∆t = 1 hour ∆t = 5 hours
LMM experiments LMM experiments LMM experiments

N? failure N? failure N? failure N? failure N? failure N? failure
1 857 T 918 T 430 T 562 U 278 T 275 P
0.6 4062 T 2499 U 1673 T 1048 U 967 T 943 W
0.4 17025 T 15747 P 6270 T 6512 U 3168 T — —
0.3 45374 W 38127 P 19776 T 21488 W 9679 T — —
0.25 90056 W 66847 P 52221 T — — 26901 T — —

(U) – specimen failed at the undercut close to the weld toe in the parent plate
(T) – specimen failed at the weld toe with crack propagating through the HAZ
(P) – specimen failed in parent plate remote from weld
(W) – specimen failed in weld metal
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Figure 8: Results of creep-fatigue evaluation procedure in application to cruciform weldment and comparison with experimental data [3, 4, 5]
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Table 6: Summary of cycles to failure N? obtained with LMM for the ranges of normalised bending moments M̃ and dwell periods ∆t

M̃ duration of dwell ∆t, hour
0 0.5 1 2 5 10 100 1000 10000

1.4705 857 500 430 362 278 223 95 33 8
1.1538 4062 2037 1673 1339 967 746 307 122 42
0.9255 17025 7963 6270 4756 3168 2294 799 308 121
0.7774 45374 24952 19776 14931 9679 6755 1963 635 230
0.691 90056 63964 52221 40511 26901 18869 5116 1415 434

where the fitting parameters dependent on dwell period ∆t are

a (∆t) = a1 log (∆t + 1) + a2 and
b (∆t) = b1 log (∆t + 1) + b2,

(33)

and independent fitting parameters have the following values:
a1 = −0.4921, a2 = 3.708929, b1 = 0.0255, b2 = 0.754959.
Having defined the number of cycles to failure N? by

Eq. (32), the residual service life in years is therefore depen-
dent on the duration of 1 cycle, which consists of dwell period
∆t and relatively short time of deformation as follows:

L? = N?
[

∆t
365 · 24

+
2 ∆εtot(M̃)

ε̇ (365 · 24 · 60 · 60)

]

, (34)

where the total strain range as a function of the normalised
moment ∆εtot(M̃) has been formulated fitting the LMM results
from Table 4 and has a form similar to the R-O model (3):

∆εtot
(

M̃
)

= p1M̃ + p2M̃p3 . (35)

In notations (34) and (35) p1 = 0.2817, p2 = 0.17649 and
p3 = 3.11051 are the fitting parameters, and ε̇ = 0.03%/s is a
strain rate according to experimental conditions [3, 4, 5].
The engineering parameters N? and L? characterising creep-

fatigue durability of the cruciform weldment have the key im-
portance for design applications. For ease of use, both param-
eters N? and L? determined by Eqs (32) and (34) respectively
can be represented in the form of a design contour plot, shown
in Fig. 10. The contour lines (dashed for N? and solid for L?)
allows a design engineer to define approximately and rapidly
the level of mechanical loading M̃ acceptable for the required
service life and assumed average value of dwell period ∆t. A
definite value of M̃ corresponding to required values of N?, L?
and ∆t or a definite value of ∆t corresponding to required values
of N?, L? and M̃ could be estimated by the numerical solution
of Eqs (34) and (35).
According to the classification given in R5 Volume 2/3 [11],

the cruciform weldment belongs to the Type 2, which generally
includes full penetration T-butt or fillet weldments transverse to
the main loading direction, refer to [9, 31]. Weldments are con-
sidered to be composed of parent material and the difference in
behaviour of the weldment compared to the parent material is
taken into account by using a Fatigue Strength Reduction Factor
(FSRF). The FSRF is determined experimentally by comparing
the fatigue failure data of the welded specimen with the fatigue
curve derived from tests on the parent plate material. Since cru-
ciform weldment specimens were dressed by light grinding [3]

and made of austenitic steel, the geometry configuration illus-
trated in Fig. 1 has the FSRFs of 1.5 and 2.0 corresponding to
mean and lower bound values recommended in R5 Volume 2/3
[11]. Bretherton et al. [3, 4, 5] have defined the maximum ex-
perimental FSRF as 1.9 for this joint type. The application of
thickness correction in [9] provided the FSRF of 1.564. Ponter
and Chen [10] have defined the FSRF of 1.3 through applica-
tion of the LMM. The actual ratio between the optimal fits of
fatigue endurance curves by Eq. (5) for parent plate and dressed
cruciform weldment in [9] gives the maximum FSRF of 1.664.
All this variety of the FSRFs is representative of the reduc-

tion in fatigue endurance caused by the local strain range εtot
enhancement in the weldment region due to the material discon-
tinuity and geometric strain concentration effects. The above
listed values do not take into account the influence of the dwell
∆t duration and, therefore, creep on fatigue endurance reduc-
tion. This limitation is eliminated by the application of the
proposed analytic assessment model (32) for variable values of
dwell period ∆t to the estimation of FSRFs. For this purpose
Eq. (32) should be transformed using Eq. (35) into the conven-
tional form for the description of S–N diagrams similar to Eqs
(5) or (7):

∆εtot = p1
(

a (∆t)
log (N?)

)1 / b(∆t)

+ p2
(

a (∆t)
log (N?)

)p3 / b(∆t)

, (36)

where the parameters a (∆t) and b (∆t) are defined by Eqs (33).
Thus, the FSRFs, appropriate to particular dwell periods ∆t

and equal values of number of cycles to failure N?, are defined
by the relation between the S–N diagram corresponding to fa-
tigue failures of parent material plate and S–N diagrams for cru-
ciform weldment presented by Eq. (36):

FSRF = ∆εparenttot

(

N?
)

/∆εx−weldtot

(

N?,∆t
)

, (37)

where the S–N diagram for parent material plate is defined by
Eq. (5) with the following polynomial coefficients referring to
[9]: m0 = 2.2274, m1 = −0.94691 and m2 = 0.085943. The
total strain range ∆εtot in the parent material remote from the
weldment, which is required to calculate the FSRF in Eq. (37)
is defined by the design limits M̃ ∈ [0.5...1.5512] of the weld-
ment and the mathematical lower bound of the S–N diagram for
parent material plate. The lower bound for N? is defined as the
derivative of Eq. (5) with above listed polynomial coefficients:
log(N?max) = m1/(2m2) = 5.5. Thus, for each ∆t the FSRF
is defined within the following limits: N? ∈ [322806...1834],
M̃ ∈ [0.9474...1.5512] and ∆εparenttot ∈ [0.416...1.1285] %.
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Figure 10: Design contour plot for creep-fatigue durability of cruciform weldment based on extrapolation of cycles to failure N? and residual service life L?

The resultant dependence of FSRFs on duration of dwell ∆t
is illustrated in Fig. 11, where minimum, maximum and aver-
age values are derived within the defined limits for N?, M̃ and
∆ε

parent
tot . Figure 11 shows significant enhancement of FSRF for

dwells ∆t > 1 hour caused by creep, which is important for de-
sign applications. For pure fatigue conditions FSRFmin = 1.69,
FSRFmax = 2.06 and average FSRF = 1.77, which are slightly
greater than FSRFs reported in previous works. This conser-
vatism is caused by the selected form of Eqs (32) and (33) hav-
ing the minimum reasonable number of fitting parameters. De-
pendence of FSRF on ∆t can be fitted as follows:

FSRF(∆t) = f0 + f1 log(∆t + 1)
+ f2 log(∆t + 1)2 + f3 log(∆t + 1)3,

(38)

where the fitting parameters have the following values: f0 =
1.7685, f1 = 0.53422, f2 = 0.00574 and f3 = 0.02509.

6. Conclusions

Reverse bending tests of a cruciform weldment made from
the steel AISI type 316N(L) considering different weld zones
have been simulated using FEA with the LMM. Test condi-
tions [3, 4, 5] included constant temperature 550◦C, 5 variants
of bending moment corresponding to 5 defined values of ∆εtot
in remote parent material and 3 variants of creep-fatigue inter-
action: pure fatigue, 1 and 5 hours of dwell period ∆t of hold in
bending. The design limits of the weldment have been defined
by shakedown analysis with LMM using an EPPmaterial model
with corresponding constants. Shakedown analysis results with
σy taken as 0.2% plastic strain offset indicate that normalised
moment M̃ corresponding to 1 and 0.6% of ∆εtot shows an alter-
nating plasticity response, and M̃ corresponding to 0.4, 0.3 and
0.25% of ∆εtot shows a shakedown response. Therefore, test

loading conditions in Table 4 capture good enough the range of
design limits M̃ ∈ [0.5...1.5512]. The series of creep-fatigue
FE-analyses have been implemented with the LMM using:

• R-O material model and corresponding constants to de-
scribe plastic strains under saturated cyclic conditions;

• power-law model in “time hardening” form and corre-
sponding constants to describe creep strains during pri-
mary creep stage.

The amount of damage per cycle caused by creep-fatigue in-
teraction is estimated using:

• experimentally defined relations (5) and (7) for number of
cycles to fatigue failure N∗ dependent on numerically de-
fined total strain range ∆εtot for the fatigue damage ωf ;

• experimentally defined relation (11) for time to creep rup-
ture t∗ dependent on the average stress σ̄ during dwell pe-
riod ∆t for the creep damage ωcr;

• σ̄ is defined as a mean value (19) of the analytical func-
tion (17) for stress during relaxation which is dependent
on elastic follow-up factor Z, initial stress σ1 and time ∆t.

The non-linear creep-fatigue interaction diagrams
(23,25,27,30) are used to define the total damage caused
by both creep and fatigue, which cannot exceed one (22).
Based upon these interactions, the number of cycles to
creep-fatigue failure N? is defined by Eqs (24,26,29,31).
Comparison of the observed and predicted N? with the pro-

posed approach based on the LMM for 3 types of experiments
shows that simulation of 9 of 11 totally available tests is very
close to the line of optimal match, as shown in Fig. 12. Simu-
lation of the other 2 experiments produces non-conservative re-
sults with an inaccuracy factor equal to 1.6, which is favourable

12 12



compared to the factor allowable for engineering analysis which
is 2. The results are slightly non-conservative for pure fatigue,
slightly conservative for creep-fatigue with 1 hour dwell and
optimal for 5 hours, as shown in in Fig. 12.
A set of numerical creep-fatigue LMM predictions, intended

for design purposes, corresponding to ∆t ∈ [0...10000] hours
are extrapolated by the analytical functions (32) and (34) and
used for contour plot of cycles to failure N? and residual life
L? depending on ∆t and M̃. Comparison of the observed and
predicted N? with the analytical function (32) for 3 types of
experiments also shows that simulation of 9 of the 11 avail-
able tests is close to the line of optimal match, as shown in
Fig. 12. The difference in analytical predictions compared to
LMM-based assessment is that the results for pure fatigue are
relatively conservative, but are still within the factor of 2 al-
lowed by engineering standards, as shown in in Fig. 12.
Therefore, the proposed function for FSRF depending on

dwell time ∆t (38) for Type 2 Dressed weldments and shown
in Fig. 11 allows to improve design techniques e.g. in R5 Pro-
cedure [11] by considering the significant influence of creep.
Further research is devoted to parametric studies in order to de-
termine the effect of weld geometry on key design parameters
N? and L?, and to describe this effect by formulating math-
ematical relations. This will enable to consider the effect of
dwell time ∆t on the FSRF for Type 2 Undressed weldments,
which have the durability influenced by “as-welded” geometry.
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13. ABAQUS Analysis User’s Manual. Dassault Systèmes Simulia Corp.;
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Nomenclature

Abbreviations
CDM Continuum damage mechanics
EPP Elastic-perfectly-plastic
FEA Finite Element Analysis
FSRF Fatigue strength reduction factor
HAZ Heat-affected zone
LCF Low-cycle fatigue
LMFBR Liquid metal fast breeder reactor
LMM Linear Matching Method
MMA Manual Metal Arc
R-O Ramberg-Osgood

Variables, Constants
σ stress
∆σ stress range
σ̄ average stress
ε strain
ε̇ strain rate
∆ε strain range
ω damage parameter
t time
∆t dwell period
E Young’s (elasticity) modulus
Ē effective elastic modulus
µ Poisson’s ratio

N number of cycles
L residual life
A, n,m primary creep material constants
Z elastic follow-up factor
B, k creep rupture material constants
c, f intersection on damage diagram
u exponent in power-law damage diagram
M bending moment
M̃ normalised moment
∆M moment range
M̄ moment amplitude
P normal pressure
IX area moment of inertia
a, b width and thickness of plate
σy yield stress
B, β R-O model constants
m0,m1,m2,m3 coefficients for LCF S-N curves
a1, a2, b1, b2 fitting parameters for N?
p1, p2, p3 fitting parameters for ∆εtot
f0, f1, f2, f3 fitting parameters for FSRF

Subscripts, Superscripts
cr creep
f fatigue
el elastic
pl plastic
∗ corresponding to pure fatigue
? corresponding to creep-fatigue
rat ratchet
vM von Mises
eq equivalent
tot total
var variable
const constant
lim corresponding to limit load
sh corresponding to shakedown limit
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